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Abstract: Building design in ASCE/SEI 7 for extreme wind loads is based on elastic behavior, which eliminates the need to develop
special detailing and capacity design rules to account for nonlinear responses. Recently, ASCE published a Prestandard for
Performance-Based Wind Design that would allow modest nonlinear responses under wind loading to reduce construction costs while
maintaining equivalent structural performance and safety, and address unintended negative impacts of wind design on buildings that are
located in areas with both extreme wind and seismic hazards. Wind forces tend to have the greatest impact on taller buildings, where it has
become common to utilize reinforced concrete core walls to resist lateral wind and seismic forces. Therefore, a study was conducted to
investigate the performance of four large-scale reinforced concrete walls with C-shaped cross sections subjected to a biaxial wind loading
protocol (WLP) followed by a seismic loading protocol (SLP). Prior to the wall testing, beam testing was conducted under WLPs to
develop design requirements for lap splice lengths above the wall–foundation interface. The wall test results indicate that current ACI
318-25 detailing requirements are adequate for the wall with longitudinal reinforcement ratio (ρl) of 0.75%, which completed the WLP
without noticeable damage or strength loss; however, for the walls with ρl of 1.5%, additional detailing at flanges edges may be needed
to limit damage due to concrete crushing and longitudinal bar buckling, depending on the level of axial stress induced at the flange
edges under biaxial loading. Based on the test results, strain acceptance criteria are recommended. DOI: 10.1061/JSENDH.STENG-
15220. © 2025 American Society of Civil Engineers.
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Introduction

Although improvements have been made to characterize wind
demands over the last few decades, ASCE 7 (ASCE 2022) still
requires buildings to be designed to remain essentially elastic
during extreme wind events. ASCE/SEI 7 and the material codes
[e.g., American Concrete Institute (ACI) standard ACI 318] do not
provide acceptance criteria under wind loading for drift or occupant
comfort because these criteria are serviceability-related versus life
safety–related (Klemencic et al. 2019). Unlike for wind design,
performance-based seismic design (PBSD) guidelines with both

service-level and collapse prevention [risk-targeted maximum con-
sidered earthquake (MCER)] acceptance criteria have been used for
more than 20 years [LATBSDC 2005; FEMA 273 (FEMA 1997)].
For PBSD, the limited yielding permitted for service-level demands
and the potentially significant yielding permitted for MCER de-
mands are accommodated by requiring special detailing to allow
yielding without strength loss for ductile component actions and
using capacity design or amplified forces for component actions
that are brittle or have limited ductility. The special detailing re-
quirements used for PBSD are primarily based on ACI 318 provi-
sions (for reinforced concrete), which are based on a long history of
postearthquake performance assessment and a large number of
laboratory tests.

Building design based on essentially linear behavior under
extreme wind demands, versus allowing for modest nonlinear
behavior, very likely results in higher construction costs for wind
design. In addition, for buildings that are located where both
significant wind and seismic hazards exist, the wind design
requirements can have a significant negative impact on the seismic
design, e.g., if the elastic wind demands exceed the reduced seismic
demands, the capacity-based seismic design checks are based on the
strength required for the higher wind demands. Given the potential
benefits of allowing limited nonlinear responses under extremewind
demands, ASCE developed a Prestandard for Performance-Based
Wind Design (ASCE 2019) that provides modeling approaches,
building performance objectives, and corresponding acceptance
criteria. The goal of creating the Prestandard was to enable the
design of more efficient and cost-effective buildings by allowing
limited nonlinear behavior in specified component actions of the
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main wind force–resisting system (MWFRS) that meet prescribed
performance objectives.

As mentioned previously, detailing and capacity design re-
quirements for PBSD are based on significant prior research and
observation. For example, thousands of large-scale laboratory tests
under seismic loading protocols (SLPs) have been conducted to
develop the design requirements incorporated into ACI 318-25.
Although the knowledge obtained from the development and
use of PBSD has helped in the development of performance-based
wind design (PBWD), there are fundamental differences between
seismic and wind loads and the response of buildings to these loads.

Some of these differences include (1) the duration of loading,
i.e., typically less than 1–2 min for strong earthquakes, versus hours
or days for strongwind events, (2) the number of cycles, i.e., typically
limited to 25 or 30 cycles for strong earthquakes, versus hundreds
or thousands of cycles for strong wind events, and (3) the differences
between the along-wind (variation about a mean demand) and
across-wind (zero mean) loading. As a result of these differences,
testing of RC components is needed under wind loading protocols
(WLPs) to develop design provisions for stable nonlinear response
and to avoid brittle failures.

The application of PBWD will have the greatest impact on
taller buildings, where core wall systems are typically used for
the MWFRS. These core wall systems consist of various wall
segment shapes (e.g., planar, C-, I-, or H-shaped) connected with
coupling beams (link beams) at floor levels. Although limited, there
are some published research studies that focused on the perfor-
mance of large-scale reinforced concrete (Abdullah et al. 2020,
2021, 2022; Chou et al. 2023) and steel (Hill et al. 2023) coupling
beams tested using WLPs. However, there are no published studies
focused on the testing of structural walls under WLPs, and only
limited test results are available for biaxial seismic loading proto-
cols for flanged walls, likely due to the large loads required to test
even modest-scale walls and the complexity of testing under biaxial
lateral loading with axial load. Wind loading protocols are also
challenging due to the large number of cycles that are applied.

This study addresses this knowledge gap by reporting test
results on four C-shaped structural walls with either constant or
variable axial stresses under biaxial WLPs. The objectives of the
research program were to (1) develop a test program for isolated
C-shaped wall tests that could adequately represent the demands
on C-shaped walls as components of core walls of buildings de-
signed and constructed in high-wind zones in the US, (2) assess
the performance of ordinary walls, i.e., walls designed and detailed
according to Chapter 11 of ACI 318 (ACI 2025), to determine if
additional design requirements are needed to achieve acceptable
performance for modest inelastic demands under WLPs, and
(3) evaluate the reserve (residual) seismic capacity of walls sub-
jected to prior wind loading protocols with limited nonlinear
demands.

Experimental Program

Specimen Design

The test specimen designs were based on a review of tall buildings
designed and built in high-wind and low-seismic regions of the US,
including buildings located in Austin and Houston (Texas), Miami,
and Chicago. Roof heights for these buildings ranged from 65.5 m
(215 ft) to 160 m (525 ft), and the lateral force–resisting systems
were reinforced concrete core walls comprised of C- and/or I-shaped
walls connected with coupling beams. The geometry and reinforce-
ment at wall critical sections (expected plastic hinge regions) for

eleven C-shaped walls were reviewed to assess the ranges in the
following parameters: thickness [t ¼ 305 mm (12 in.) to 915 mm
36 in.)], length [l ¼ 2 m (6.5 ft) to 10 m 32.5 ft.)], longitudinal
reinforcement ratio (ρl ¼ 0.3% to 2.8%), and transverse reinforce-
ment ratio (ρt ¼ 0.2% to 1.1%).

Based on input from a Project Advisory Committee (PAC) that
included practicing structural engineers from four engineering
firms involved in the wind design of tall RC core wall buildings,
ρl was selected as the test variable for the Phase I test specimens
(two walls). Given the range of ρl provided in the reviewed build-
ings, ρl ¼ 0.75% and ρl ¼ 1.5% were selected for the first (CW-1)
and second (CW-2) test walls, respectively. Based on the results of
the Phase I tests, Phase II consisted of two additional wall tests
(CW-3 and CW-4) where the longitudinal reinforcement ratio
was held constant at 1.5%, and the test variables included variation
of axial load during out-of-plane loading and the level of detailing
provided at the flange edges.

The thickness of the flanges (tf) and webs (tw) of all four test
specimens was selected to be 127 mm (5 in.) based on ACI 318-25
requirements for minimum cover over longitudinal reinforcement
and the capacity of the test setup. Flange and web lengths of
762 mm (30 in.) and 1,905 mm (75 in.) were selected based on
test setup limitations to produce cross-sectional aspect ratios of
6 (lf=tf) and 15 (lw=tw), which were similar to the mean values
observed in the reviewed buildings. The longitudinal (vertical)
reinforcement consisted of No. 3 (Table 2) Grade 60 for CW-1
(Fig. 1) and No. 4 Grade 80 for CW-2, CW-3, and CW-4 (Fig. 2).
Grade 80 reinforcement was used because its use is common in tall
buildings; however, Grade 60 reinforcement was used for CW-1
because No. 3 Grade 80 reinforcement is not available in the US.

Because ASCE 7-22 requires components of building MWFRS
to remain elastic under wind demands, the design of the structural
walls is governed by the provisions of Chapter 11 of ACI 318-25
(ordinary walls). For core walls, it is common practice to distribute
the longitudinal reinforcement uniformly rather than to concentrate
longitudinal reinforcement at the wall edges, which is often done
for special walls (walls designed according to Chapter 18 provi-
sions of ACI 318-25). For the first two tests, based on common
design practice, transverse reinforcement consisted of U-bars at
wall edges and corners lapped with the flange and web horizontal
reinforcement. For the Phase II walls, due to damage observed for
CW-2 (concrete crushing and longitudinal bar buckling), hoops
were provided at the flange edges (Fig. 3) based on a procedure
similar to that developed by Wallace and Orakcal (2002), which
is used in ACI 318-25 §18.10.6.2 for detailing the special boundary
elements. According to Wallace and Orakcal (2002), the region of
the wall (c 00) over which closely spaced transverse reinforcement is
required can be calculated as follows:

c 00

lw
¼ c

lw
− 1

667ðδu=hwÞ
ð1Þ

where c = neutral axis depth; δu = design displacement; and lw and
hw = length and height of the wall. A value of δu=hw ¼ 0.015 was
assumed to develop the ACI 318-25 requirement (Wallace and
Orakcal 2002) for seismic detailing of special walls; however,
because the purpose of these tests is to investigate wall behavior
under wind demands, the use of a smaller value is appropriate.

During the testing of CW-2, the plastic hinge yield rotation
(θy;CW2) was estimated to be 0.003 (“Instrumentation” section
and Fig. 7). Therefore, to reach 3θy (maximumWLP hinge rotation
demand for this test program is 3θy ¼ 0.009, as mentioned in the
“Wind Loading Protocol” section), the roof level drift (δu=hw)
was estimated to be 0.01 (assuming the contribution of elastic
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deformations over the wall height to roof drift is small). Conse-
quently, the wall length where confinement should be provided for
the test specimens CW-3 and CW-4 was calculated as follows:

c 00 ¼ c − 0.15lw ð2Þ

For the calculation of c, the commercial software CSICol version
10 was used, and biaxial loading was applied with the maximum
moment and axial load demands expected from the WLP developed
for the C-wall testing (“Wind Loading Protocol” section).

Based on this procedure, for CW-3, a single hoop was used to
confine the region between the first two layers of flange edge lon-
gitudinal (vertical) reinforcement. Similarly, a longer hoop that enc-
loses the area between the first and the third layers of longitudinal
(vertical) reinforcement, along with a seismic crosstie (135° hook at
one end and 90°‚ one at the other, referred to as 135-90 crossties
herein) for the second layer of reinforcement, was used for the
flanges of CW-4 (Fig. 3). More information related to the approach

Fig. 1. Cross section and reinforcement of CW-1 (units are in inches, 1 in: ¼ 25.4 mm).

Fig. 2. Cross section and reinforcement of CW-2, CW-3, and CW-4 (units are in inches, 1 in: ¼ 25.4 mm).

Fig. 3. Detailing of flange edges within plastic hinge region, h < Lp

(units are in inches, 1 in: ¼ 25.4 mm).
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used to determine flange edge detailing has been given by Unal
(2024). Although a roof level drift ratio of δu=hw ¼ 0.01 was
deemed appropriate for the Phase II test specimens despite being
recognized as a larger roof drift than most tall buildings would
experience, a similar analysis would be required to determine de-
tailing requirements for other wall configurations.

To represent typical construction for ordinary walls, longitudi-
nal reinforcement was lap-spliced at the wall–foundation interface
(critical section) of the test walls; however, given the uncertainty
associated with the lap splice behavior under the wind loading pro-
tocol, a separate study was conducted to determine splice design
requirements prior to the construction of Phase I walls. This study
included tests on RC beams under wind loading protocols with lap
splices with the same reinforcement (longitudinal and transverse)
diameter, grade, and clear cover as CW-2 (the specimen with
the highest longitudinal strain demands expected at the critical
section).

Based on a review of the beam test results (Unal et al. 2024;
Halim 2024) and discussions with the PAC, the following design
requirements were implemented. First, the lap splice lengths calcu-
lated for ordinary walls using ACI 318-25 Chapter 11 were multi-
plied by 1.25 [ls ¼ 1.25 (1.30ld)], resulting in ls ¼ 254 mm
(10 in.) for CW-1 and ls ¼ 510 mm (20 in.) for CW-2, CW-3,
and CW-4 (Fig. 4). The 1.25 multiplier was applied to account
for the expected yield strength (fy;exp) of the longitudinal reinforce-
ment and the possibility of modest strain hardening; the same
multiplier is applied in ACI 318-25 Section 18.10.2.3(b) for regions
above the critical section of special walls (ACI 318-25 prohibits the
use of lap splices at the critical section of special walls).

In addition, the lap splices were enclosed with 6-mm (db ¼
0.24 in:) Grade 500 (MPa) transverse reinforcement spaced at
51 mm (2 in.) along the splice length, as described in the following
sentences. At the intersections of the flange and web, transverse
reinforcement consisted of U-bars for both the Phase I and Phase II
tests (Figs. 1 and 2). At the flange edges, U-bars were used for Phase I
tests, and hoops were used for Phase II tests (Fig. 3). For longitudinal
bars along the flange and for the first pair of web longitudinal bars
adjacent to the flange–web corner, 135-90 crossties were provided
(Figs. 1 and 2). No additional transverse reinforcement was provided
for the remaining web longitudinal bars (Figs. 1 and 2).

The spacing (s) of transverse reinforcement above the splice
(h > ls) was determined using bar buckling models (Rodriguez et al.
1999; Moyer and Kowalsky 2003; Hilson et al. 2014; Rodriguez
and Iñiguez 2019; Motter et al. 2018) to prevent longitudinal bar
buckling prior to the completion of WLP. Based on Unal (2024),
6-mm Grade 500 (MPa) transverse reinforcement at a spacing of
76 mm (3 in.) (Fig. 4) was used to support longitudinal reinforce-
ment within the flange and at flange–web corners between the top
of the splice and the extent of the assumed plastic hinge region
(i.e., Lp > h > ls), where Lp was estimated as Lp ¼ lw=2 ¼
0.95 m (37.5 in.).

In the wall flanges above the plastic hinge length (h > Lp)
and in the web above the splice region (h > ls), the spacing of
the transverse reinforcement and the U-bars were based on spacing
limits given in ACI 318-25 §11.7.3 for ordinary walls. According to
§11.7.3, the spacing (s) of the transverse reinforcement in cast-in-
place walls should not exceed the lesser of three times the wall
thickness [38.1 cm (15 in.)], 45.7 cm (18 in.) [15.2 cm (6 in.)

Fig. 4. Elevation of the flanges: (a) CW-1; and (b) CW-2 (units are in inches, 1 in: ¼ 25.4 mm).
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for the approximately 1/3 scaled test walls], and lw=5 [190 cm/
5 = 38 cm (15 in.)]; therefore, s = 15.2 cm (6 in.) was used (Fig. 4).
More information regarding the design of the test specimens has
been given by Unal (2024).

Material Properties

The concrete mix was designed to have a 28-day compressive
strength (f 0

c) of 55 MPa (8,000 psi) with a maximum aggregate
size of 9.5 mm (3/8 in.). Results of concrete cylinders collected in
accordance with ASTM C31/C31M (ASTM 2023a) and tested in
accordance with ASTM C39/C39M (ASTM 2023b) are presented
in Table 1. Properties of the No. 3 ASTM A706 (ASTM 2022)

Grade 60 and No. 4 A706 Grade 80 deformed bars used for the
longitudinal reinforcement and for the 6-mm Grade 500 (MPa)
reinforcement used for web transverse reinforcement, U-bars, and
crossties are provided in Table 2.

Test Setup and Instrumentation

The test setup (Fig. 5) was designed to apply both in-plane (IP)
(parallel to the wall web, or x-direction) and out-of-plane (OOP)
(parallel to the wall flanges, or y-direction) moment and shear
demands at the top of the test specimen by using six actuators.
Two vertical and a single horizontal actuator in the plane of the web
were used to apply the in-plane moment and shear demands,
whereas two horizontal actuators aligned perpendicular to the wall
web were used to apply the OOP shear and OOP moment demands,
and a third vertical actuator, connected to the top cap of the speci-
men using steel beams, was used to apply additional OOP moment
demands. The vertical actuators, used in the IP and OOP directions
to apply moment demands at the top of the walls (Fig. 5), were used
to better simulate the boundary conditions in real structures, i.e., the
test walls only represented the first two stories of a tall structure
(“Wind Loading Protocol” section).

Table 1. Tested properties of concrete on the specimen test day

Specimen No. of samples fc;test [MPa (psi)] ε@fc;test

CW-1 3 55.0 (7,976) 0.0032
CW-2 4 71.3 (10,340) 0.0030
CW-3 4 54.7 (7,932) 0.0030
CW-4 4 56.4 (8,177) —

Table 2. Tested mechanical properties of reinforcement

Bar No. (diameter) fy;test [MPa (ksi)] εy fpeak [MPa (ksi)] frup [MPa (ksi)] εrup

6 mm 473.7 (68.7) 0.0024 527.5 (76.5) 406.1 (58.9) 0.07
No. 3 [9.5 mm (0.375 in.)] 494.4 (71.7) 0.0025 710.2 (103) 570.2 (82.7) 0.13
No. 4 [12.7 mm (0.5 in.)] 584.7 (84.8) 0.0029 759.1 (110.1) 547.4 (79.4) 0.15

Note: Average values of four samples are presented.

IP

IP

IP

OOP

OOP

OOP

IP: Used for In-plane loading

(parallel to wall web)

OOP: Used for Out-of-plane 

loading (parallel to wall 

flanges)

Fig. 5. Isometric view of the test setup (not drawn to scale).
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Axial load [Pmax ¼ 0.1Agf 0
c ¼ 2,224 kN (500 kips), where Ag

is the gross sectional area of the walls] was applied using four
556-kN (125-kips) capacity hydraulic jacks located at the four
corners of the top cap. The specimens were attached to the loading
beam at the centroid of the top cap, which was also aligned with
the center of mass of the walls. Applying the in-plane shear load
through the center of the mass of the C-shaped specimens resulted

in eccentric loading with the shear center of the specimens. The
torsional moment demands resulting from this eccentricity were
resisted by the two horizontal OOP actuators. Details associated
with the applied loading protocols are discussed in the next section.

The test specimens were instrumented with more than 60
LVDTs (Figs. 6 and 7) to measure the wall flexural deformations,
shear deformations, vertical slip deformations at the wall–footing

Fig. 6. Instrumentation used to measure the local responses (not drawn to scale, units are in inches, 1 in: ¼ 25.4 mm).

Fig. 7. Instrumentation used to measure the global responses (not drawn to scale, units are in inches, 1 in: ¼ 25.4 mm).

© ASCE 04025228-6 J. Struct. Eng.

 J. Struct. Eng., 2026, 152(1): 04025228 

 D
ow

nl
oa

de
d 

fr
om

 a
sc

el
ib

ra
ry

.o
rg

 b
y 

M
eh

m
et

 E
m

re
 U

na
l o

n 
10

/2
7/

25
. C

op
yr

ig
ht

 A
SC

E
. F

or
 p

er
so

na
l u

se
 o

nl
y;

 a
ll 

ri
gh

ts
 r

es
er

ve
d.

 



interface, shear sliding (horizontal) displacements at the wall–
foundation interface, lateral displacements both in the in-plane and
out-of-plane directions of the wall, top cap, and the footing, and any
uplift of the footing from the laboratory strong floor. Also, four
LVDTs (control sensors) (Fig. 7), attached to the wall footings on
one end and to wall flanges at a height of 37.5 in. (Lp ¼ lw=2) on
the other end, were used to calculate the plastic hinge rotation
during the test to apply the prescribed WLP. A total of 32 strain
gauges were used to measure the strains of the longitudinal and
transverse reinforcement, U-bars, and crossties (Unal 2024). Finally,
a digital image correlation (DIC) system was used to compute the
surface displacements and strains of the web and west flange outer
surfaces (Fig. 7).

Wind Loading Protocol

The WLP used for the testing of the C-walls was based on the
protocol used by Abdullah et al. (2020, 2021) for coupling beam
tests [Fig. 8(a)]. The coupling beam WLP was developed using the
results of a nonlinear response history analysis of a 58-story build-
ing with a coupled core wall MWFRS subjected to loading histories
recorded from wind tunnel tests. The WLP used for the wall tests is
shown in Fig. 8(b), where Mpr was calculated in accordance with
ACI 318-25 for 1.25fy, and θy is the hinge yield rotation (“Instru-
mentation” section). The changes made to the coupling beam WLP
are summarized as follows, and more detailed explanations have
been given by Unal (2024):
• Force-controlled cycles at 0.15Mpr were omitted because, at a

gravity axial loading of 0.1Agf 0
c, wall strain demands on the

cross section would be in compression, and 75 cycles at 0.75Mpr
were replaced with 30 displacement-controlled cycles at 0.7Mpr,
which approximately represents first yield of wall flange longi-
tudinal reinforcement, based on discussions with the PAC that
30 cycles was sufficient.

• The number of cycles at 1.5θy was increased to three to be
consistent with common practice of applying three cycles for
inelastic cycles.

• Inelastic rotation demands were increased to 3θy (from 1.5θy)
to evaluate performance under higher-than-expected PBWD
demands; however, two, versus three, cycles were applied be-
cause demands exceeding 1.5θy were considered higher than
would be required at wall critical sections for PBWD.
The applied loading was unidirectional (parallel to the web,

Positions A and D in Fig. 9), except for the inelastic cycles, where
biaxial loading was applied (Positions B, C, E, and F), The force
demands in the OOP direction were chosen as one-half of the OOP
probable moment capacities (0.5Mpr;OOP) based on discussions
with the PAC. A constant axial load of P ¼ 0.1Agf 0

c ¼ 2,224 kN
(500 kips) was used for the Phase I tests. For Phase II tests, the axial
load was varied during OOP loading to simulate the variation of
axial load on the C-shaped walls due to coupling beam shear forces.
Based on input from PAC, the axial load was decreased to 0.05Agf 0

c

and 0.075Agf 0
c for CW-3 and CW-4, respectively, during biaxial

Fig. 8. (a) Coupling beam WLP; and (b) C-Wall WLP.

O-A-B-C-A-D-E-F-D-O

A D

B
y

x

C

E

F

O

Fig. 9. Biaxial loading scheme.
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(OOPþ) loading when flange edges were in compression (Positions
B and E); however, due to test setup limitations, the axial load was
limited to 0.1Agf 0

c for the negative OOP (OOP−) loading with the
web in compression (Positions C and F).

The maximum shear stress for IP loading (ν@Mpr;IP) during
testing was limited to 2.60

p
f 0
c for CW-1 and 4.25

p
f 0
c for CW-2,

CW-3, and CW-4, respectively, based on discussions with the PAC.
The ratio of maximum base moment to base shear for in-plane loading
(Mpr;IP=V@Mpr;IP) resulted in an effective height of 9.0 m (29.5 ft)
for the roughly 1/3-scale test specimens, which approximately repre-
sents the effective height of a 12-story core wall with a story height of
3 m (9.8 ft).

Experimental Results

In the following subsections, experimental results are summarized,
including observed damage, load–deformation responses, calcu-
lated lateral stiffness values for in-plane loading, measured axial
strains, and observations related to the effect of lap splices on the
wall behavior. This paper focuses on the experimental results under
the applied WLP. Detailed results for the SLP and results of mod-
eling studies have been provided by Unal (2024) and Unal andWal-
lace (“Nonlinear modeling of C-shaped reinforced concrete walls
tested under wind and seismic loading protocols,” submitted, J.
Struct. Eng., ASCE, Reston, Virginia).

Observed Damage

Specimen CW-1, with ρl ¼ 0.75%, showed no damage (e.g., con-
crete spalling, concrete crushing, longitudinal bar buckling, or
bar fracture) after the completion of the WLP. DIC analysis results
showed minor, uniformly distributed horizontal flexural cracks
within the flanges and diagonal tension (shear) cracks within the web
above the splice region, with the biggest cracks located right above
the splice and at the wall–footing interface. After completion of the
WLP, residual flexural crack widths within the flanges were mea-
sured to be 0.1 mm, and residual diagonal web cracks were negli-
gible in width.

Unlike CW-1, a significant amount of damage, due to the higher
reinforcement ratio resulting in higher compressive strain demands,
was observed for CW-2 (with ρl ¼ 1.5%). After the completion of

ramp-up cycles (cycles up to and including the 3.0θy demands),
concrete spalling was observed at the base of the west flange and
the flange–web corners. Although the ramp-down cycles did not
result in more damage at the west flange or the flange–web corners,
concrete spalling, core concrete crushing (23% of the total length
of the flange was crushed), and longitudinal bar buckling were
observed at the base of the east flange edge after the WLP was
completed. Figs. 10 and 11 show the progression of the damage
observed at the east flange during the WLP and the damage state
of the west flange after the WLP.

For the Phase II walls (CW-3 and CW-4), the damage observed
at the flange–web corners was almost identical with that of CW-2,
i.e., cover spalling up to approximately 0.5 m (20 in.), (equal to
the splice length) above the footing. However, due to the improved
detailing provided at the flange edges and the reduction in axial
stress during the OOPþ loading, the flange edges were less
damaged for CW-3 and CW-4 compared with CW-2. Only minor
concrete crushing was observed at the base of the east flange edge
for CW-3, whereas for CW-4, buckling and fracture of only the
outer layer vertical reinforcement at the base of the flange was
observed (Fig. 12). Similar to CW-1, the largest crack openings
were observed right above the splice region and at the wall–footing
interface, and only hairline cracks were observed within the
splice region.

Load–Deformation Responses

Base Moment–Hinge Rotation
The IP base moment–plastic hinge rotation responses determined
using the control sensors (Fig. 7) for all specimens are shown in
Figs. 13(a and b), where the rotation demands were calculated us-
ing estimated hinge yield rotations (θy) values of 0.1% for CW-1
and 0.3% for CW-2, CW-3, and CW-4, respectively. Detailed data
analysis (Unal 2024) after testing CW-2 showed that the hinge yield
rotation was closer to 0.25% (θy;exp); therefore, the maximum hinge
rotation ductility (μθ) applied was approximately 3.6θy as opposed
to 3.0θy as prescribed by the WLP [Fig. 8(b)]. No IP strength loss
was observed for any of the specimens, and given that CW-2, CW-3,
and CW-4 had the same longitudinal reinforcement ratios and axial
load applied during in-plane loading, the responses are very similar
[Fig. 13(b)].

Fig. 10. East flange edge of CW-2: (a) after the ramp-up cycles; (b) after the inelastic ramp-down cycles; and (c) after the completion of WLP.
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Analytical predictions (Fig. 13) were determined by integrating
moment versus curvature results computed for expected material
properties (Tables 1 and 2) over the assumed hinge length of lw=2
above the wall–foundation interface. The effects of the lap splice
and slip/extension deformations on the predicted curvature distri-
bution were not considered. The predicted hinge rotations matched
the experimental results, i.e., flexural stiffness (uncracked and
cracked), yield moment, and postyield responses, very closely.
These results indicate that modeling approaches commonly used
for PBWD of tall buildings (uniaxial material models for expected
material properties, plane-sections remain plane, no special mod-
eling of the splice region, and neglecting slip/extension) reason-
ably capture the IP moment–rotation responses. However, for walls
without lap splices, neglecting the slip/extension deformations
might overestimate flexural stiffness because the added flexibility
of the slip/extension deformations appears to be offset by the lower

curvatures that occur over the splice region for these tests (“In-Plane
Lateral Stiffness for Linear Analysis” section and Table 5).

The OOP base moment–plastic hinge rotation responses are
given in Figs. 14(a and b) for the ramp-up and ramp-down cycles,
respectively, for ρl ¼ 1.5% specimens only, because no stiffness
degradation (other than concrete cracking) or strength loss was ob-
served for CW-1. Due to concrete crushing at the base of the flange
edges, stiffness degradation was observed for CW-2 and CW-4
during the ramp-up cycles in the OOP þy direction (Positions B
and E). No OOP strength loss was observed for CW-4 during the
ramp-down cycles; however, the OOPþ base moments decreased
from 675 k-ft (915.2 kN-m) to 230 k-ft (311.8 kN-m), a 66%
strength loss, for CW-2 at the end of the WLP. Neither OOP
strength loss nor stiffness degradation was observed for CW-3.

The approach used to determine the required detailing at the
flange edges for the Phase II walls (“Specimen Design” section)
was successful in preventing strength loss in the OOPþ direction that
was observed for CW-2; however, stiffness degradation was observed
for CW-4 (in the OOPþ direction). Eliminating or reducing stiffness
degradation could likely be accomplished by reducing the spacing of
the hoops and crossties provided at the flange edges; however, addi-
tional tests or relatively complex nonlinear models would be required
to investigate this issue; this topic is beyond the scope of this paper.

Base Shear–Top Lateral Displacement
The in-plane base shear–drift ratio responses, calculated using
the average displacements recorded by the two horizontal LVDTs
attached to the east side of the top caps (Fig. 6), are shown in
Figs. 15(a and b) for ρl ¼ 0.75% and ρl ¼ 1.5% specimens, respec-
tively, where the displacement ductility values (μΔ) were calculated
using effective yield drift ratio values of 0.15% and 0.4%, respec-
tively. The lateral displacements measured at the top of the walls
due to sliding and rotation of the footing were removed. Because
in-plane plastic hinge rotation demands were controlled during
testing, versus lateral drift ratios, and because of the different
amounts of damage that occurred over the hinge region for the ρl ¼
1.5% specimens, different drift ratios were observed for different
walls [Fig. 15(b)].

At the maximum hinge rotation demands of the WLP (0.9% for
the ρl ¼ 1.5% specimens), the in-plane drift ratios were higher, rang-
ing from 1.5% to 2.1%. The drift values were significantly higher

Fig. 11. CW-2: (a) west flange–web corner; and (b) west flange edge after the completion of WLP.

Fig. 12. East flange of (a) CW-3; and (b) CW-4 after the completion
of WLP.
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than the hinge rotation values because of (1) the low curvature/
rotation demands occurred over the splice regions [ls ¼ 0.5 m
(20 in.)], which accounted for 53.3% of the plastic hinge length
[Lp ¼ 0.95 m (37.5 in.)] but only 22.7% of the total wall height
[2.23 m (88 in.)], and (2) the inelastic curvatures that occurred
above the hinge region. The results suggest that overlapping lon-
gitudinal reinforcement stiffens and strengthens the splice region
such that inelastic curvatures spread over a greater height (above
the splice). This issue is addressed in more detail in the discussion
related to moment-curvature responses. A decrease was observed
in the in-plane base shear demands for all the walls during biaxial
loading application because the in-plane deformations were kept
constant during the out-of-plane loading application, not the ap-
plied forces.

The total in-plane lateral displacement (δtot) of the walls can be
expressed as the sum of the flexural and shear deformations
over the wall height [Eq. (3)]. Flexural deformations include the

curvature/rotation of the wall (δf;wall) and the deformations due to
the slip/extension at the wall–footing interface (δslip). Shear defor-
mations include the pure translation (shear distortion) along the
height of the wall (δs;wall), and the shear sliding along the wall–
footing interface (δs;slide;wall)

δtot ¼ δf;wall þ δf;slip þ δs;wall þ δs;slide;wall ð3Þ

The flexural, slip/extension, and shear sliding deformations
were calculated using LVDTs attached to the walls. The wall shear
deformations (δs;wall) were calculated using two different approaches.
For the first approach (A1), any deformation not associated with
flexure, slip/extension, or shear sliding was attributed to shear
distortion. For the second approach (A2), the diagonal LVDTs
attached to the inner surface of the web (Fig. 6) were used. More
details regarding the two approaches have been given by Unal
(2024). Fig. 16 shows the base shear–drift ratio responses of each

Fig. 13. In-plane base moment–hinge rotation responses of (a) CW-1 during ramp-up and ramp-down cycles; and (b) CW-2, CW-3, and CW-4 during
ramp-up cycles only (1 kip-ft ¼ 1.36 kN-m).

Fig. 14. Out-of-plane base moment–hinge rotation responses of CW-2, CW-3, and CW-4: (a) during ramp-up; and (b) ramp-down cycles
(1 kip-ft ¼ 1.36 kN-m).
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Fig. 15. In-plane base shear–drift ratio rotation responses of (a) CW-1 during ramp-up and ramp-down cycles and (b) CW-2, CW-3, and CW-4 during
ramp-up cycles only (1 kip ¼ 4.45 kN).

Fig. 16. Different components of in-plane base shear-drift ratio response of CW-4: (a) flexural; (b) slip/extension; (c) shear (A1); and (d) shear (A2)
deformations (1 kip ¼ 4.45 kN).
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displacement component for CW-4 during the ramp-up and ramp-
down portions of the WLP, which are representative of all tests
[Unal (2024) has given the results of the other tests].

The relative contributions of each displacement component to
the total displacement at the top of the walls were also calculated
at various hinge rotation levels for both positive and negative in-
plane loading. The average contributions determined for positive
and negative loading for CW-2, CW-3, and CW-4 are shown in
Fig. 17. In general, at the maximum hinge rotation demands (3.0θy),
the flexural (δf;wall), shear (δs;wall), and slip/extension (δslip) de-
formations contributed approximately 45%, 30%, and 20%,
respectively, to the total lateral displacement at the top of the
walls. Similar values were observed for CW-1, i.e., 50%, 25%,
and 20%, respectively.

The test walls represented approximately the bottom two stories
of a 12-story core wall. For a 12-story wall, the flexural drift ratios
due to plastic hinge rotations are essentially constant along the
height of the wall (rigid body rotation), whereas shear deformations
(pure translation) tend to decrease up the height of the wall. There-
fore, the contribution of the shear deformations to the drift ratios at
the top of a 12-story wall is expected to be smaller than the values
calculated for the test specimens (e.g., Abdullah and Wallace 2019;
Segura and Wallace 2018; Thomsen and Wallace 2004).

Moment-curvature analysis results calculated using expected
material properties were also used to predict the monotonic base
shear–top displacement response due to flexural deformations
[Fig. 16(a)] using Eq. (4)

δf;wall ¼
Xn

i¼1

θiðhwall − xiÞ

≈ Xn

i¼1

ðϕ̄ihiÞðhwall − xiÞ ð4Þ

where θi = rotation of layer i (estimated as the area under the cur-
vature distribution ϕ̄ihi, where ϕ̄i is the average curvature over
layer i and hi is the height of layer i); xi = distance to the centroid
of the average curvature distribution of layer i; and hwall = height of
the wall.

For the predictions, five layers (n ¼ 5) were used (to match the
layers of LVDTs used during testing), and hi values were taken
from the LVDT layers (Fig. 6) used during testing. Over the splice
region, Layer 1 (for CW-1) and Layers 1 and 2 (for CW-2, CW-3,

and CW-4), the curvature values from the moment-curvature
analysis were divided by 4.0 to account for the significantly
lower curvature values (higher stiffness) that were observed over
the splice regions in the test walls [“Moment-Curvature” section
and discussed by Unal (2024)]. Like the moment–rotation predic-
tions, the results indicate good matches [Fig. 16(a)] for stiffness
prior to, and after concrete cracking, and good comparisons for
V@My and V@Mpr (e.g., predicted to tested ratios of 1.06 and 1.02,
respectively, for CW-4).

The displacements at the top of the walls due to slip and exten-
sion deformations (δslip) were estimated as follows:

δslip ¼ θsliphwall ¼ Δslipðd − cÞhwall ð5Þ

where θslip = rotations due to slip/extension deformations (Δslip);
d = effective depth; and c = neutral axis depth, which was calculated
using the analytical moment-curvature predictions. The model
proposed by Alsiwat and Saatcioglu (1992) was used to predict
Δslip, which is compared with the experimental results in Fig. 16(b).
In general, the analytical model resulted in lower values than the
experimental values before yielding; however, the model matched
the experimental slip/extension deformations more closely at V@Mpr

[Fig. 16(b)].
For wall shear deformations, various shear stiffness values have

been recommended, e.g., 0.4Ec (commonly used for linear wind
design), 0.2Ec (LATBSDC 2023), 0.13Ec [FEMA P-2208 (FEMA
2023)], 0.02Ec [PEER/ATC 72 (PEER and ATC 2010)], and
0.01Ec (Kolozvari et al. 2021). Secant-to-first yield shear stiffness
values of 0.026Ec [Fig. 16(c)] and 0.10Ec [Fig. 16(d)] matched the
experimental results reasonably well, depending on the approach
used to determine shear deformations. The value of 0.10Ec deter-
mined with the web LVDTs [Fig. 16(d)] appears less reliable due to
the low values of LVDT readings; the value of 0.026Ec is closer to
results for slender walls reported previously by PEER/ATC 72 and
Kolozvari et al. (2021). Therefore, the use of shear stiffness values
of 0.02Ec to 0.10Ec appears reasonable; for building analysis and
design, sensitivity studies (e.g., for a single input record) should be
conducted to assess the sensitivity of responses to the value of shear
stiffness used.

After completion of the WLP, either uniaxial or biaxial SLPs
were applied to each test wall. The maximum lateral drift ratios
reached during either the WLP or the SLP prior to significant lateral
strength loss were 2.8%, 1.6%, 3.3%, and 2.4% for CW-1, CW-2,

Fig. 17. Average contributions of flexure, slip/extension, and shear deformations to the total lateral displacement at the top of the walls.
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CW-3, and CW-4, respectively. Damage at significant strength loss
consisted of concrete crushing and bar buckling above the splice
region at the west flange for CW-1, concrete crushing and bar buck-
ling at the base of the east flange for CW-2, OOP instability of the
east flange for CW-3, and concrete crushing and bar buckling at the
base of the east flange during the biaxial seismic loading for CW-4.
More details on the SLPs used, the observed damage, and measured
responses during the SLPs have been given by Unal (2024).

Moment-Curvature
The in-plane moment-curvature responses over the height of the
wall were estimated using columns of LVDTs attached at the edges
of the flanges, along the web (four columns), and at the corners of
the flanges (for Phase II walls only) (Fig. 6). The LVDTs at Layer 1
spanned between 2 and 10 in. above the footing (2–10 in.), whereas
Layers 2, 3, 4, and 5 were over heights 10–20, 20–37.5, 37.5–57.5,
and 57–85 in., respectively (Fig. 6). In accordance with the lack of
damage observed within the splice region, i.e., hairline cracks only,
the curvature values calculated using the LVDTs within the splice
region (Layer 1 for CW-1, and Layers 1 and 2 for CW-2, CW-3,
and CW-4) were significantly smaller than the calculated curvature
values above the splice region. The largest curvature values were
observed for the layers right above the splice regions for all the
specimens, where the largest crack widths were observed.

Fig. 18 shows the moment-curvature responses of CW-4 during
the ramp-up and ramp-down portions of theWLP for Layers 1 and 3,
where the moment values were calculated at the midheight of the
LVDT layers. The responses for all the specimens calculated using
different layers of LVDTs has been given by Unal (2024). In gen-
eral, the analytical moment–curvature relations calculated (1) using
the tested material properties, (2) assuming the plane section re-
main plane, and (3) neglecting the lap splices and slip/extension
deformations closely match the experimental responses [Fig. 18(b)]
(Unal 2024) in terms of stiffness (for the regions above the splice
region) and strength. As mentioned previously (“Base Moment–
Hinge Rotation” section), this observation suggests that the plane
sections remain plane assumption produces reasonable results and can
be used for core walls, as noted previously by others (e.g., Kolozvari
et al. 2021). Although more sophisticated modeling approaches are
available (Kolozvari et al. 2022; Tura et al. 2024), currently, they
are not practical for tall building design.

The maximum base moment observed during testing (Mmax)
occurred at 3.0θy and was compared with the nominal (Mn) and

probable (Mpr) moment capacities of the walls calculated based on
the ACI 318-25 provisions. For walls CW-2, CW-3, and CW-4
(ρl ¼ 1.5%), the average value of Mmax for the three specimens
was Mmax ¼ 1.01Mpr, whereas for CW-1 (ρl ¼ 0.75%), Mmax was
equal to 1.03Mn and 0.94Mpr. Therefore, for the calculation of
wall flexural strength under limited nonlinear wind demands, ACI
318-25 approaches can be used to calculate Mn and Mpr.

Base Moment–Hinge Rotations (Impact of Lap Splices)
As mentioned previously, only hairline flexural cracks were ob-
served within the splice regions of the walls. The observed damage
was consistent with the curvature calculations, i.e., significantly
lower curvature values were calculated over the splice region com-
pared with the regions above the splices (Fig. 18). Therefore, the
lap-spliced longitudinal reinforcement stiffened and strengthened
the splice region, resulting in a shifting of the nonlinear deforma-
tions to the region above the splice. To study this issue, two more
approaches were used to compute hinge moment–rotation relations
for assumed plastic hinge regions of (1) lw=2 located above the
splice, i.e., rotations were calculated using Layer 3 (spanning
20–37.5 in.), Layer 4 (37.5–57.5 in.) LVDTs, and the LVDTs at
the wall–footing interface (to include the slip/extension deforma-
tions); and (2) lw=2þ Ls, calculated using the control sensors (over
lw=2), which include slip/extension at the wall–foundation inter-
face, and Layer 4 LVDTs (37.5–57.5 in.).

Results for IP base moment–hinge rotation responses are pre-
sented in Fig. 19 for CW-4 and indicated that the results are similar
because the flexural deformations over the splice length are small
relative to the region above the splice and at the wall–foundation
interface. Due to the simplicity of the second approach, it was used
for the other specimens (Fig. 20) and resulted in roughly a 10%
increase at the maximum rotation for CW-1 (from 0.3% to 0.33%)
[Fig. 20(a)], and up to a 53% increase for the ρl ¼ 1.5% specimens
(from −0.9% to −1.38% for CW-4) [Fig. 20(b)].

Axial Strains

Axial strains were measured using columns of LVDTs attached
at the flange edges, the web inside surface, and the flange–web
corners (only for Phase II walls) (Fig. 6). The largest tensile strains
were measured above the splice in Layer 2 for CW-1 and Layer 3
for the other walls, whereas the largest compressive strains were
measured at the base of the walls (at Layer 1). Fig. 21 shows the

Fig. 18. Moment-curvature response of CW-4: (a) at the splice region (Layer 1); and (b) above the splice region (Layer 3) (1 kip-ft ¼ 1.36 kN-m).
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tensile and compressive strains measured for CW-4 using the
LVDTs at the west flange edge along the height of the wall at
different loading positions and different load steps of the WLP.
Results for other walls and load steps have been presented by
Unal (2024).

The maximum compressive strains at 3.0θy were greater than the
compressive strain at peak stress (Fig. 21) of the cylinder tests
(∼0.003) (Table 1), suggesting some concrete compression soften-
ing; however, because the LVDTs were located several centimeters
from the face of the concrete surface (Fig. 11) and neutral axis
depths are relatively small, the surface concrete compressive strains
might be significantly smaller than recorded at the LVDT. To assess
this issue, tension and compression strain demands on the wall con-
crete surfaces at 3θy in-plane hinge rotation demands, before the
application of OOP moment demands, were estimated using the
LVDT recordings, the LVDT distances from the concrete surfaces,
and the neutral axis depths determined using LVDT readings.

For the ρl ¼ 1.5% walls, the calculated peak surface tensile
strains for the three walls were similar for IP loading (Table 3).
However, significantly different peak surface compressive strains
were calculated for CW-2 and the Phase II specimens (Table 3), with
the largest values for the heavily damaged wall (CW-2) and lower
values for walls with minimal concrete crushing observed at the
base of the flange edges (CW-3 and CW-4). For the Phase II walls,
strain demands gradually decreased during the ramp-down loading
(Unal 2024); however, for CW-2, the peak compressive strain
value increased to as high as −0.01 for the east flange during the
ramp-down cycles (Table 3). The high compressive strain values
calculated for ramp-down loading of CW-2 were consistent with
the significant amount of damage (concrete core crushing and
longitudinal bar buckling) that occurred during the ramp-down
loading at the east flange edge, which was mainly due to the high
level of axial load applied during OOPþ loading and the detailing
provided at the flange edges.

For Phase II walls, the surface strains at the flange–web corners
were also calculated and compared with the values calculated at the
flange edges. In general, during IP loading (Positions A and D),
higher compressive strain demands were calculated at the base of
the flange–web corners compared with flange edges (Table 3 and
Fig. 22). In contrast, the tensile strain demands were similar.

The effect of biaxial loading on the tensile and compressive
strains was also studied. Although the application of OOP bending
increased the tensile strains by only a factor of 1.1 on average for
the ρl ¼ 1.5% specimens (Unal 2024), it had a more significant
impact on the compressive strains (Fig. 22). In general, during
OOP loading, compressive strains using LVDT readings at the base
of the flange edges increased by a factor of approximately 2.0
during the lower IP hinge rotation cycles (1.2θy and 1.5θy) and by
approximately a factor of 1.5 on average during the higher IP
rotation cycles (2.5θy and 3.0θy). The application of OOP bending
moments did not significantly affect the strain demands at the
flange–web corner LVDTs (Fig. 22), possibly due to the location
of the LVDTs, i.e., attached to the flange surfaces approximately
153 mm (6 in.) away from the corners (towards the flange edges)
(Fig. 6). Similar comparisons for all the specimens at different
layers of LVDTs were made by Unal (2024).

Fig. 19. Comparison of the in-plane base moment–hinge rotation
responses of the two different approaches used (1 kip-ft ¼ 1.36 kN-m).

Fig. 20. In-plane base moment–hinge rotation responses (calculated using Lp ¼ lw=2þ Ls) of (a) CW-1 during ramp-up and ramp-down cycles; and
(b) CW-2, CW-3, and CW-4 during ramp-up cycles only (1 kip-ft ¼ 1.36 kN-m).
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Strain-Based Acceptance Criteria for PBWD

The initiation of cover spalling and minor concrete core crushing
was observed at concrete compressive strains (εc) of 0.0035–0.004,
which were reached at 2.0θy in-plane rotation demands (during the
biaxial loading) for CW-2 and at 3.0θy in-plane rotation demands
(under biaxial loading, peak demand of the WLP) for the Phase II
walls (due to the reduced axial stresses).

The lateral strength loss was observed for CW-2 when the con-
crete compressive strains at the base of the flange edges reached
values of approximately 0.005–0.006, which was observed during
the biaxial loading at 3.0θy in-plane rotation demands. For the
Phase II walls, because the maximum concrete surface compressive
strains reached only 0.0045, no strength loss was observed.

Based on the results of this study, different peak compressive
concrete strains are recommended for different ASCE prestandard
performance objectives. For the operational performance objective,
the strain limit was selected to prevent damage (except concrete
cracking), i.e., cover spalling, concrete crushing, and bar buckling.
Therefore, a value of εc ¼ 0.00375=1.5 ¼ 0.0025 is recommended.

The average experimental value (0.00375) is divided by 1.5 to
account for the uncertainties in computing the compressive strains
using non-linear models (Kolozvari et al. 2021; Orakcal andWallace
2006).

Based on the experimental results for the ρl ¼ 1.5% specimens,
flange edge compressive strains reach 0.0025 at around 1.0θy
in-plane rotation demands with OOP demands (biaxial loading).
A value of 0.0025 is similar to the strain values at the peak concrete
compressive strength calculated using unconfined concrete con-
stitutive models (Kent and Park 1971; Chang and Mander 1997),
i.e., prior to strain softening, suggesting that the strain at peak
unconfined stress could also be used for this performance objective.
On the other hand, for the continuous occupancy performance
objective, a higher value, εc ¼ 0.0055=1.5≈ 0.0037, is recom-
mended to prevent strength loss.

In addition to the peak compressive strain limits recommended
previously, lower compressive strain limits are recommended in
Table 4, depending on the number of cycles at or below the given
strain limits. The values given in Table 4 are based on concrete sur-
face strains estimated for CW-4 (under biaxial loading) because the

Fig. 21. Axial LVDT strain profiles of CW-4 along the height of the edge of the west flange (star) at different loading positions during the ramp-up
loading of WLP (1 in: ¼ 25.4 mm).
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WLP was completed without any strength loss (IP or OOP) and
the strain demands were higher compared with values for CW-3.
The number of cycles was determined as the total number of cycles
(including ramp-up and ramp-down) where the calculated compres-
sive strain demands (at the base of the flange edges) were equal to
or exceeded the values (εc) given in Table 4.

The recommended number of cycles at the specified strain limits
in Table 4 are very conservative for the lower strain limits (lower-
bound values) because significantly higher strain demands were
applied to the specimens than the values given in Table 4. For ex-
ample, the limit of 26 cycles at a compressive strain (εc) of 0.0025
is based on 10 cycles at 0.0025, 6 cycles at 0.003, 4 cycles at
0.0035, 4 cycles at 0.004, and 2 cycles at 0.0045; therefore, the
actual number of cycles that could be applied prior to strength loss
might be several (or many) times the values given in Table 4. The
conservatism reduces as the magnitude of the strain increases in
Table 4. Given the conservatism, these values are intended to pro-
vide guidance versus being hard limits. Results of analytical studies
using calibrated nonlinear models might enable the development of
more comprehensive and less conservative acceptance criteria and
also consider a wider range of wall geometries, longitudinal rein-
forcement ratios, and axial load ratios.

In-Plane Lateral Stiffness for Linear Analysis

Based on the provisions of ACI 318-25 Appendix B, “Performance-
Based Wind Design,” the effective stiffness of concrete members
can be calculated based on physical test data. For nonlinear analysis,
comparisons of experimental and analytical results presented for
load versus deformation responses indicate that moment-curvature
analysis can reproduce the experimental results for the WLP, with
possible adjustments for the effects of lap splices and slip/extension
deformations. Prior studies for seismic tests (Orakcal and Wallace
2006; Gogus and Wallace 2015; Kolozvari et al. 2021) have
reached similar conclusions. The use of beam-column elements
with rigid plastic hinges is uncommon for nonlinear analysis of
core walls because it is cumbersome; therefore, common engi-
neering practice is to use strain-based acceptance criteria versus
rotation-based acceptance criteria, e.g., for PBSD (LATBSDC
2023). However, linear analysis is common for lower intensity
wind events, e.g., occupant comfort and operational performance
objectives (ASCE 2019); therefore, effective in-plane flexural
stiffness values (EI) of the C-shaped wall test specimens were
calculated using Eq. (6), based on moment–rotation responses
of the plastic hinge regions

EI ¼ MbLp − 1
2
VbL2

p

θLP;IP
ð6Þ

Table 3. Calculated peak surface tensile and compressive strain demands

Specimen LVDT location Tensile strain Compressive strain

CW-1 Flange edge 0.005 −0.0008
CW-2 Flange edge 0.018 −0.0044

−0.01a (RD)
CW-3 Flange edge 0.016 −0.0029

Flange–web corner —b −0.0034
CW-4 Flange edge 0.021 −0.0027

Flange–web corner 0.018 −0.0040
Note: The values shown are calculated surface strains at 3θy in-plane hinge
rotation demands (unless otherwise noted) before the application of OOP
moment demands and the average values of the east and west flanges.
aMaximum value measured during ramp-down (RD) loading.
bNo LVDT was used above the spliced region.

Fig. 22. Comparisons of CW-4 compressive LVDT strains at different loading positions during the ramp-up loading of WLP.

Table 4. Strain-based acceptance criteria

Surface compressive
strains, εc

Strain limit,
εc=1.5

Number of
cycles

Damage
state

0.0055a 0.0037 1 Strength loss
prevention

0.0045 0.0030 2 —
0.004 0.0027 6 —
0.00375 0.0025 1 Damage

prevention
0.0035 0.0023 10 —
0.003 0.0020 16 —
0.0025 0.0017 26 —
aThis value was calculated using CW-2 LVDTs.
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whereMb and Vb = base moment and base shear, respectively; and
θLP;IP = in-plane hinge rotation demand. EI values normalized to
the concrete elastic modulus (Ec, calculated using Section 19.2.2.1
of ACI 318-25) times the gross section moment of inertia (Ig) are
presented for different rotation demands. In Fig. 23, results are pre-
sented using Lp ¼ lw=2þ Ls for the ramp-up portion of the WLP
for CW-1 [Fig. 23(a)] and CW-2, CW-3, and CW-4 [Fig. 23(b)].
Accordingly, the EI values in Fig. 23 represent values for a wall
with lap splices within the hinge region.

The results presented in Table 5 for uncracked (EIuncr) and
effective (EIeff ) flexural stiffness were calculated based on using
a secant stiffness at cracking and first yield of the outer layer flange
longitudinal reinforcement, respectively (Fig. 24). For the calcula-
tion of EI values in Table 5, two approaches were used: (1) includ-
ing the splice region, Lp ¼ lw=2þ Ls (to represent the average
stiffness values of walls with lap splices within the hinge region),
and (2) not including the splice region, i.e., based on Lp ¼ lw=2
above the splice region (to represent the stiffness values of a wall
without lap splices within the hinge region). In addition, for each
case, two approaches were used to calculate θLP;IP: (1) including
the rotations due to the slip/extension deformations that occurred
at the wall–footing interfaces, and (2) excluding the slip/extension
rotations, which were calculated using the LVDTs attached at the
wall–foundation interface (at the four corners of the specimens).

The results presented in Table 5 indicate that, for linear analysis
of walls with lap splices where slip/extension deformations are not
modeled explicitly, EIeff ¼ 0.3EcIg is recommended if the splice
region is not modeled explicitly. On the other hand, if the lap splice
region is modeled explicitly and slip/extension deformations are
not modeled explicitly, EIeff ¼ 0.8EcIg and 0.2EcIg are recom-
mended for the lap splice region and for the regions above the splice,

respectively. Alternative values are provided in Table 5 if the defor-
mations due to slip/extension are modeled explicitly.

For walls with axial load demands different from 0.1Agf 0
c,

an evaluation of the test results indicates that moment-curvature
analysis could be used to determine estimates of the flexural stiff-
ness, with or without lap splices and either explicit modeling of
slip/extension deformations or reducing EI to account for slip/
extension deformations.

Summary and Conclusions

Four approximately one-third-scale C-shaped walls were tested in
two phases to investigate the behavior of the ACI 318-25 ordinary
reinforced concrete structural walls under wind loading protocols.
For the Phase I walls, the longitudinal reinforcement ratio (ρl) was
varied, i.e., 0.75% and 1.5% for CW-1 and CW-2, respectively.
Phase II walls (CW-3 and CW-4) had the same cross-section
dimensions as Phase I walls and the same amount of longitudinal
reinforcement as CW-2 (1.5%). The test variables for CW-3 and
CW-4 were the amount of confinement provided at the flange
edges, i.e., hoops were used instead of U-bars, and the amount
of axial load applied during the biaxial wind loading protocol,
i.e., axial load was decreased to 0.05Agf 0

c and 0.075Agf 0
c for

CW-3 and CW-4, respectively, during the biaxial loading (out-of-
plane) to account for the variation in axial load due to the presence

Fig. 23. Normalized effective flexural stiffnesses (EIeff=EcIg).

Table 5. Uncracked and cracked effective flexural stiffness values

Condition
ρl
(%)

With lap splices Without lap splices

EIuncr EIeff EIuncr EIeff

With slip/extension
deformations

0.75 0.80EcIg 0.4EcIg 0.6EcIg 0.35EcIg
1.5 0.30EcIg 0.20EcIg

Without slip/extension
deformations

0.75 1.0EcIg 0.70EcIg 1.0EcIg 0.65EcIg
1.5 0.40EcIg 0.30EcIg

M'y

Mcr

ϕ'yϕcr

First yield

Cracking

EIeff

Moment

Curvature

Fig. 24. Cracking and first yield of the walls.
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of coupling beams. Based on the experimental results of the Phase I
and Phase II tests, the following conclusions and recommendations
are made:
• The wall with the lower longitudinal reinforcement ratio (CW-1)

sustained no damage (e.g., concrete spalling, concrete crushing,
rebar buckling, or rebar rupture) during the WLP. The residual
flexural crack widths were very small (around 0.1 mm). This
behavior suggests that moderate inelasticity during extreme
wind events for ordinary walls with low-to-moderate longitudi-
nal reinforcement ratios and axial stress levels will perform
adequately without additional detailing requirements.

• The walls with higher longitudinal reinforcement ratios (CW-2,
CW-3, and CW-4) had more damage compared with CW-1. For
CW-2, the damage was significant at the base of the flange
edges, i.e., for the east flange, approximately 23% of the total
length of the flange sustained substantial concrete crushing at
the base, and longitudinal bar buckling was observed above the
footing–wall interface for the extreme layer flange edge longi-
tudinal reinforcement.

• The variation of axial load during biaxial loading and the
improved detailing at the flange edges resulted in less damage
for Phase II walls, i.e., only cover spalling was observed at
the base of the east flange edge for CW-3 (P ¼ 0.05Agf 0

c), and
cover spalling, longitudinal bar buckling and rupture of a single
longitudinal bar at the base of the east flange edge were
observed for CW-4 (P ¼ 0.075Agf 0

c). The test results indicate
that the design approach implemented was successful in limiting
strength loss; however, additional modeling studies are needed
to develop more comprehensive recommendations for required
detailing for different wall geometries, material strengths, and
reinforcement.

• The overlapping of longitudinal reinforcement, along with the
tighter spacing of transverse reinforcement used, resulted in a
stiffer and stronger splice region relative to the region immedi-
ately above the splice. Accordingly, the damagewas concentrated
primarily at the wall–footing interfaces and above the splice
regions. The results presented indicate that increasing the assumed
plastic hinge length by the splice length (i.e., Lp ¼ lw=2þ Ls)
provided a simple and effective approach to estimate rotation
demands. When Lp ¼ lw=2þ Ls was used, the maximum rota-
tional ductility values were 3.8, 4.2, and 4.9 for CW-2, CW-3,
and CW-4, respectively, which exceeded the target acceptance
criteria of 3.0 (as prescribed per the WLP).

• Given that the rotational ductility demands for the WLP reached
4.2 and 4.9 for CW-3 and CW-4, modest inelasticity can be al-
lowed for the ordinary walls with higher longitudinal reinforce-
ment ratios (ρl ¼ 1.5%) if the axial load demands during the
biaxial loading when the flange edges are under compression
is less than or equal to 0.075Agf 0

c and moderate confinement is
provided at the flange edges. Volumetric transverse reinforcing
ratios of 0.57% and 0.38% were provided for the flanges of
the Phase II walls at the base of the walls and above the splice
region, respectively, which are 2.33 times that required for
ordinary walls (ACI 318-25, Chapter 11), but only 0.33 of that
required for special walls (ACI 318-25, Chapter 18). Detailed
analytical models that can accurately capture the concrete
compressive strains could be used to predict the behavior of
walls with different geometries, different reinforcing ratios, and
higher axial loads.

• Strain-based acceptance criteria are recommended with peak
compressive strain limits of 0.0025 (strain at peak unconfined
stress) and 0.0037 for operational and continuous occupancy
performance objectives of the ASCE prestandard for PBWD,
respectively. In addition, lower compressive strain limits are

provided based on the number of cycles at or below the given
strain limit.

• Analytical predictions calculated using monotonic moment-
curvature analysis results, calculated using the tested material
(concrete and steel reinforcement) properties and assuming
plane sections remain plane, resulted in a good match between
the predicted and the experimental moment–hinge rotation and
base shear–drift ratio responses in terms of stiffness (before and
after concrete cracking) and maximum strength (e.g., Mn, Mpr,
or V@Mpr). The results indicated that the use of moment-
curvature analysis, with appropriate consideration of the effects
of the lap splice and the slip/extension deformations, produced
reasonable estimates of flexural stiffness and P-M strength.
More complex nonlinear models that are capable of predicting
responses under biaxial loading histories were presented by
Unal (2024) and will be the subject of a future paper (Unal
and Wallace, “Nonlinear modeling of C-shaped reinforced con-
crete walls tested under wind and seismic loading protocols,”
submitted, J. Struct. Eng., ASCE, Reston, Virginia).

• Based on the experimental results, different uncracked and cracked
effective flexural stiffness values are recommended for linear
analysis of walls under wind demands, depending on the existence
of lap splices and explicit modeling of rotations/displacements due
to slip/extension of longitudinal reinforcement.

• A secant-to-first yield shear stiffness value ranging from 0.02Ec
to 0.1Ec can be used based on the experimental results and is
similar to values proposed by PEER/ATC 72 and Kolozvari et al.
(2021). Sensitivity studies are recommended for building
analysis and design to assess the potential variation in predicted
responses due to variations in shear stiffness.

• Based on a review of the beam test results, lap splice provisions
of ACI 318-25 for ordinary walls were found to be inadequate
to allow modest inelasticity under applied WLPs. No splice
damage was observed in the test walls; therefore, the design
approach used, i.e., to increase the splice length and to decrease
the spacing of the transverse reinforcement provided over the
splice length, was effective and is recommended. Additional
beam splice testing has been conducted to develop more com-
prehensive splice design recommendations; this information will
be the topic of a future paper.
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