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ABSTRACT 

The design of buildings under wind demands has traditionally been based on prescriptive code 

provisions such as ASCE/SEI 7, which require the building components to stay essentially linear 

elastic. Recent developments in wind tunnel testing, structural analysis techniques, and 

performance-based design procedures led to the publication of the ASCE/SEI Prestandard for 

Performance-Based Wind Design (ASCE/SEI, 2019). The Prestandard allows limited inelastic 

behavior in ductile elements of a building’s Main Wind Force Resisting System (MWFRS) under 

extreme wind events. However, because yielding of some building components has not historically 

been permitted, there is limited research available on the inelastic behavior of structural elements 

subjected to wind demands. The advantages of the performance-based wind design (PBWD) are 

considered to be most impactful for the design of tall buildings, where it is very common to use 

coupled reinforced concrete shear wall systems as the MWFRS. Although substantial research has 

been conducted to understand the inelastic behavior of reinforced concrete and steel-reinforced 

concrete coupling beams, there is no published research that investigates the inelastic behavior of 

reinforced concrete shear walls under wind demands. To fill this gap, four reinforced concrete C-

shaped structural walls were tested in two phases under quasi-static, biaxial cyclic loading 

protocols simulating extreme wind events. Following the wind loading protocol, a seismic loading 

protocol was applied. 

The design of the walls was based on the core-wall design of actual buildings that were designed 

and constructed in high-wind and low-seismic zones in the United States. The 5 in. thick flanges 

and webs of the walls were 30 in. and 75 in. long, respectively, representing approximately one-

third scaled C-shaped walls of the core walls used in typical buildings. The test walls were detailed 

as Ordinary walls based on the provisions of Chapter 11 of ACI 318-19. The test variable for the 
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Phase-I walls (CW-1 and CW-2) was the longitudinal reinforcement ratio (ρl); 0.75% for CW-1 

and 1.5% for CW-2. Based on the experimental results of the Phase-I walls and feedback from a 

Project Advisory Committee (PAC), two more walls (CW-3 and CW-4) were tested during Phase-

II. The design of Phase-II walls was based on CW-2 (ρl=1.5%), and the test variables were the 

amount of confinement provided at the end zones of the flanges (flange edges) and the amount of 

axial load applied during the biaxial wind loading protocol.  

The wind test results indicated that, for the wall with the low-to-moderate reinforcement ratio 

(CW-1, ρl=0.75%), rotational ductility demands of 3.0 can be achieved without any damage (e.g., 

concrete spalling, bar buckling, or bar fracture) and with very small residual flexural crack widths 

(around 0.1 mm). Since CW-1 failed at a rotational ductility demand of 20 during the seismic 

loading protocol, modest inelastic response can be allowed during extreme wind events for the 

walls with 0.75% or lower longitudinal reinforcement ratios. Concrete spalling was observed at 

the flange-web corners and the flange edges during the wind loading protocol for the walls with 

the higher longitudinal reinforcement ratio (1.5%). Depending on the amount of axial load applied 

during the biaxial load application, concrete crushing and bar buckling were also observed. Phase-

II tests showed that the flange edges were more susceptible to damage than other locations of the 

C-shaped walls. With moderate confinement provided at the flange edges and with a reduction in 

wall axial load during the biaxial loading (when the flange edges were under compression), bar 

buckling and concrete crushing were not observed during the wind loading protocols. Application 

of the seismic loading protocol revealed that, for the walls that did not sustain any significant 

damage during the wind tests, rotational ductility demands of at least 8.5 could be achieved prior 

to 20% loss in lateral strength.  
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1. Introduction 

1.1. Background 

The population within metropolitan areas worldwide is increasing rapidly due to the movement of 

people from rural and/or suburban areas to larger cities. In many cases, these metropolitan areas 

are located along coastlines where extreme wind events, high seismicity, or combinations of the 

two exist. Figure 1-1 shows a map of the world where seismic activity is shown in yellow-red 

colors, and the tropical windstorm hazard is shown in green. It can be observed from the map that 

many fast-growing cities in the United States, such as Los Angeles, San Francisco, Seattle, 

Houston, Miami, and New York City, along with the other regions around the world, e.g., 

Philippines, Taiwan, and Indonesia are located where seismic and/or wind hazards are inevitable. 

This population densification has led to the construction of taller buildings, which brings its own 

challenges. Many of the challenges associated with designing and constructing tall buildings in 

high wind and high seismic hazard regions are compounded by other, sometimes competing 

factors. Amongst these is the responsibility to society to provide efficient, affordable, and 

comfortable housing and work environments while simultaneously addressing the global issues of 

sustainability and the resiliency of our building stock (Aswegan et al., 2017). 

 

Figure 1-1: Seismic and wind hazard map (Smolka, 2006) 
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Prior to 1972, the design of structures for wind loading was generally governed by local authorities. 

In most instances, a simple horizontal (and/or vertical) pressure was prescribed to be applied to 

the building surfaces generating demands on the primary structural system. The primary structural 

system was then designed to respond within the elastic range to the combined effects of gravity 

and lateral loading. There was little, if any, consideration given to building displacement, story 

drift, or occupant comfort (Klemencic et al., 2019). Starting with ANSI A58-1 (1972), wind 

hazards began to be determined in a probabilistic manner where wind loading criteria were 

provided using wind speeds and tabulated design load parameters for various regions around the 

United States. With the beginning of wind tunnel studies and various editions of ASCE 7, starting 

with ASCE 7-88 and most recently with ASCE 7-22, the characterization of wind loading on the 

structures has evolved remarkably. This evolution of the definition of wind loading includes 

changing the reference wind speed from fastest-mile to a 3-second gust measured 33 ft. (10 m) 

above ground in an open terrain (Exposure C category). Also, through ASCE 7-05, the mapped 

wind speeds were based on a 50-year mean recurrence interval (MRI), and the load and importance 

factors were applied to approximate wind speeds for 300-year, 700-year, and 1700-year MRIs. 

With ASCE 7-10, ultimate wind speed maps for different risk categories directly representing the 

300-year, 700-year, and 1700-year MRIs were introduced. Accordingly, the current ASCE 7 

provisions (ASCE 7-22, 2022) provide different ultimate wind-speed maps, calculated using a 3-

second gust, for 300-year, 700-year, 1700-year, and 3000-year mean recurrence intervals (MRIs) 

for Risk Category I, II, III, and IV buildings, respectively. In the early 1960s and 1970s, wind 

tunnel tests were generally used for “special” or very tall buildings. Since then, wind tunnel tests 

have been used by designers to improve designs using more detailed knowledge of the expected 

wind loads and how a building responds to those loads (Irwin et al., 2013). Although improvements 
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have been made to characterize the wind demands, ASCE 7 (2022) requires the buildings to stay 

essentially linear elastic during extreme wind events. Also, the prescriptive codes have remained 

silent regarding drift and occupant comfort criteria as these performance parameters are viewed as 

serviceability-related and not matters of life safety (Klemencic et al., 2019).  

Unlike the design of buildings under wind demands, significant attention has been paid to the 

design of structures under seismic demands. Since the mid-1990s, when performance-based 

seismic design (PBSD) procedures were first introduced, the seismic design of buildings has 

become more involved, likely resulting in buildings with more reliable performance. The yielding 

of ductile building elements/actions to provide more reliable energy dissipation mechanisms has 

long been permitted by building codes for seismic design. In seismic design, demands on the 

structural components due to the extreme loading can be managed through different energy-

absorbing mechanisms such as concrete cracking, bar yielding, and deformation of specially 

designed structural elements. However, in some cases, the elastic demands due to wind design 

loads can exceed the demands for seismic loads (which are reduced to account for ductility and 

damping). If this happens, due to the use of capacity design concepts for seismic design, the 

demands on force-controlled elements (e.g., foundation, joints, diaphragm) and/or actions (e.g., 

shear, anchorage) of the seismic LFRS can increase substantially because of the higher wind 

demands. The inconsistency in design philosophy between the seismic and the wind demands 

results in higher cost and less efficiency by negating the benefits of the PBSD for tall buildings. 

Therefore, a framework for performance-based wind design (PBWD) that introduces appropriate 

modeling approaches, building performance objectives, and corresponding acceptance criteria is 

needed. According to Spence et al. (2016), the reasons for inelastic response not being 

contemplated in the design of wind-excited systems is most likely due to unease with the idea of a 
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wind-excited system suffering damage under a hazard that is easily and frequently perceived as 

well as to the significant difficulty from a computational standpoint in modeling the inelastic 

response of structural systems under events that can last for several hours. With the application of 

performance-based engineering to the wind design, 1) a more reliable and better-performing 

building design that will result and a rigorous consideration of serviceability, strength, and stability 

requirements can be evaluated, and 2) a more efficient and effective structural design can be 

produced by allowing a modest amount of nonlinear response in specially designed structural 

elements during extreme wind events (Klemencic et al., 2019). A case study conducted by 

Aswegan et al. (2017) on a 60-story (approximately 900 ft. tall) reinforced concrete core wall 

building with buckling-restrained brace (BRB) outriggers subjected to extreme wind loading 

(1700-year MRI) showed that allowing inelastic rotations (as small as 0.001 radians) in the 

coupling beams resulted in more than 25% reduction in the BRB peak forces as opposed to the 

code prescriptive elastic design.  

1.2. Performance-Based Wind Design Framework 

In recent years, the civil engineering community has recognized the inconsistency between the 

state-of-the-practice and the state-of-the-art of wind design. Despite many advancements in 

understanding wind loading, the code prescriptive design approach to the wind demands is to 

enforce elastic response under design-level loads. Prior to 2013, the effort to extend the 

performance-based engineering approach to wind loads was mainly conceptual and mostly focused 

on feasibility assessment (Bernardini et al., 2013, Bernardini et al., 2015; Ciampoli et al., 2011; 

Smith & Caracoglia, 2011; Spence & Gioffrè, 2012; Spence & Kareem, 2014; Spence et al., 2015). 

However, over the last ten years, many reports have been published to create a framework for 

PBWD that can guide the engineers who wish to go beyond the limitations of ASCE 7 regarding 
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wind design. In 2016, Spence et al. (2016) proposed a method specifically for multi-story wind-

excited buildings in order to mitigate structural and non-structural damage and loss. In particular, 

the post-yield behavior of the structural system was modeled using the theory of dynamic 

shakedown to provide a comprehensive assessment of post-yield behavior without the need for 

computationally expensive non-linear finite element models and a case study was presented 

illustrating the practicality of the proposed PBWD framework. Their work showed that allowing 

limited inelasticity for elements that are specifically designed and detailed for these demands can 

result in better building performance compared to one designed in accordance with ASCE 7 

provisions and that improved reliability with respect to the expected performance could be 

achieved. Later, in 2016 and 2017, Larsen et al. (2016) and Aswegan et al. (2017) developed a 

framework for PBWD, including different performance objectives with corresponding analysis 

techniques and acceptance criteria. In 2023, the state-of-the-art report from the ASCE workshop 

was published in the “Advancement in Performance-Based Wind Design” (Scott, 2023). 

All of these efforts, as well as the knowledge gained by PBSD, led to the publication of 

“Prestandard for Performance-Based Wind Design” by ASCE/SEI (2019), which describes 

methods for the application of performance-based wind engineering. The Prestandard benefits 

building owners and developers by enabling the design of more efficient buildings that meet the 

desired building functionality requirements and reduce property damage from wind events while 

meeting public safety and performance requirements. The Prestandard is permitted to be used for 

the design of the Main Wind Force Resisting System (MWFRS), the building envelope (including 

roof systems, wall cladding systems, and fenestration systems), or both. Figure 1-2 illustrates the 

outline of the PBWD procedure for MWFRS, where the performance objectives are separated into 
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three different categories: 1) Occupant Comfort, 2) Operational, and 3) Continuous Occupancy, 

Limited Interruption. 

 

 

Figure 1-2: Outline of PBWD MWFRS analysis and acceptance methods for each 

performance objective (ASCE, 2019) 

 

In general, the design process that will lead to an acceptable design involves 8 steps. 

1) Identification of risk category, performance objectives, performance requirements, and     

acceptance criteria 

2) Identification of wind loads 

3) Conceptual design 

4) Development of a MWFRS analysis model 
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5) Evaluation of MWFRS and Building Envelope acceptance criteria 

6) Refinement of the design 

7) Gain Agreement of the Peer Review Team and Authority having jurisdiction 

8) Implementation of construction observation and supplemental special inspections  

 

Figure 1-3 includes a summary of the different acceptance criteria that correspond to performance 

objectives that depend on the building risk category. The risk category of the building is established 

based on the governing building code by the local jurisdiction. IBC Section 1604.5 requires the 

determination of the building risk category, which is based on the consequences of building failure 

and/or nonperformance to the building occupants and users, and potential impacts on society. Other 

performance-based design guides, such as LATBSDC (2023), FEMA P-58 (2018), and FEMA P-

424 (2010), express general performance objectives specific to hazards and building risk 

categories. With respect to wind, ASCE 7-16 (2016) risk category criteria pertain only to the basic 

wind speed; the standard does not address other issues, such as drift control or envelope toughness, 

that are necessary to achieve a desired functional level of building performance. PBWD is intended 

to overcome these shortcomings (ASCE, 2019). It can be seen from Figure 1-3, that for Occupant 

Comfort and Operational performance objectives, the MWFR system is required to remain elastic. 

However, for Continuous Occupancy (strength level demands), specific elements or components 

of the system are permitted to undergo inelastic response. Information related to these elements 

and corresponding acceptance criteria (for Continuous Occupancy) are explained in more detail in 

Chapter 7, Section 7.4 of the Prestandard, where it is stated that the peak drift ratio should not 

exceed H/200 or H/300 (the exact ratio is left to the judgment of the designer), where H is the 

building height. The residual peak drift ratio is limited to H/1000 and h/1000, where h is the height 

of the story under consideration. The strength limits of the elements and/or actions (Force-



 

8 

 

controlled or Deformation-Controlled) are set depending on the analysis method used. Although 

linear elastic analysis is permitted for the assessment of Occupant Comfort and Operational 

performance objectives, for Continuous Occupancy, the Prestandard offers three different 

methods: Method 1) a linear elastic analysis procedure followed by nonlinear time (response) 

history analysis (NLTHA), Method 2) NLTHA with a conditional reliability approach for a given 

scenario that is based upon FEMA P-695 studies (2009), and Method 3) NLTHA with system 

reliability assessment. 

If Method 1 is used, then calculated demand to capacity ratios are not allowed to exceed 1.0 for 

force-controlled elements or actions (e.g., shear wall shear, moment frame column axial 

compression and shear, joint shear, column shear, etc.). Demands are calculated according to the 

provisions in Chapter 6 of the Prestandard and the capacities are calculated using the appropriate 

material standard (e.g., ACI 318 for reinforced concrete). For deformation-controlled elements or 

actions (e.g., shear wall flexure, column tension and flexure, coupling beams, etc.), calculated 

demand-to-capacity ratios are not allowed to exceed 1.25, where the demands are calculated 

according to the provisions in Chapter 6 of the Prestandard and the capacities are calculated 

according to the appropriate material standard (e.g., ACI 318), using expected material strengths 

with ϕ=1. Calculated deformations are required to be within predefined deformation limits (i.e., 

acceptance criteria). However, if Method 2 or 3 are used, the calculated demand to the capacity 

ratios for deformation-controlled elements of the MWFRS are limited to 1.5, where demands are 

calculated per the static wind loads prescribed in ASCE 7-16 Directional Procedure and the 

capacities are calculated according to the appropriate material standard (e.g., ACI 318) using 

expected material strengths and applicable ϕ factors. Chapter 5 of the Prestandard explains how 

wind loads are to be determined (Step 2). For PBWD, only wind tunnel testing is allowed to 
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determine local wind pressures and global wind-induced structural loads and responses. Wind 

tunnel tests are required to meet the requirements of ASCE 7-22 (Chapter 31) and ASCE 49-21 

(2021).  

 

Figure 1-3: Performance objectives and acceptance criteria (ASCE, 2019) 
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1.3. Testing under Wind Loading Protocols 

Although the knowledge obtained from the development and use of PBSD has helped in the 

development of PBWD there are fundamental differences between seismic and wind loads and the 

structural responses under these loads that must be considered. Some of these differences are 

pointed out in the ASCE/SEI Prestandard (2019) as follows: 

• While the duration of strong earthquakes rarely lasts more than 60 seconds, the duration of 

strong wind loads can be hours (even days for tropical storms or hurricanes). 

• The responses of the along-wind and across-wind loading are significantly different. While, 

in general, the along-wind load has a significant mean value and can be considered force-

controlled, the across-wind loading is dominated by vortex shedding, which has the 

potential to generate a significant dynamic response and has a near-zero mean and can be 

considered displacement-controlled (in a sense similar to seismic loading). 

• As opposed to seismic loading, where the number of inelastic excursions is likely less than 

25, due to the long duration of wind loading, hundreds or thousands of inelastic excursions 

may occur. Because of this larger number of cycles under wind loading, the magnitude of 

inelastic deformation permitted (if permitted) during the response is significantly less than 

for seismic loading due to low cycle fatigue. 

• For most cases, during seismic excitation, the inertial forces will reduce in the nonlinear 

response range due to the reduction in the natural frequency of the structural system. 

However, for the wind loading, this is not entirely true since the reduction of natural 

frequency may cause greater resonance and, therefore, greater inertia loads, unless 

damping increases sufficiently. 
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• Cyclic degradation due to a few strong cycles of earthquake loading is expected to be 

significantly different from that produced by a large number of cycles of wind loading. 

 

Although considerable work has been conducted to develop a framework for PBWD, few 

publications in the literature focus on supporting details, such as test results of structural elements 

under wind loading protocols. To date, testing has focused on reinforced concrete and steel 

reinforced concrete coupling beams (e.g., Abdullah et al., 2020, 2021, 2022; Chou et al., 2023; 

Hill et al., 2023), since coupling beams are the primary components expected to undergo inelastic 

responses for core wall systems. Abdullah et al. (2020; 2021) published summaries of results on 

testing of reinforced concrete coupling beams in coupled wall systems under different wind 

loading protocols. The beam test specimens were designed and detailed as “ordinary” beams, i.e., 

the provisions for special structural walls, Section 18.10.7 of ACI 318-19, were not applied. The 

study goals included: 1) establishing experimental evidence that limited nonlinearity in concrete 

coupling beams subjected to extreme wind events can be permitted and does not result in 

unacceptable behavior, 2) providing experimental coupling beam data to help develop modeling 

parameters for nonlinear dynamic analysis of coupled concrete wall systems, and 3) studying the 

impact of prior limited nonlinear wind demands on the post-windstorm reserve seismic capacity 

of concrete coupling beams in terms of strength, stiffness, ductility, energy dissipation capacity, 

and failure mode (Abdullah et al., 2022). To accomplish these objectives, a total of 8 different 2/3 

scale concrete coupling beams were tested under quasi-static, cyclic loading protocols that 

represent extreme wind loading followed by a standard seismic loading protocol. The experiments 

were conducted in two phases; during the first phase, four beams (CB1 through CB4) were tested 

in Summer and Fall of 2018; for the second phase, based on the feedback from practicing 

engineers, another set of four beams (CB5 through CB8) were tested during Spring and Summer 
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2019. After the testing of the beams under wind loading protocols, damage to each specimen was 

evaluated to assess the need for repair. It was found that the level of structural damage was typically 

minor. Based on observed residual crack widths, the damage level of the beams was classified as 

“insignificant” using FEMA 306 (1998) criteria. Therefore, no repair was done. However, to 

evaluate the effectiveness of epoxy injection repair as a performance restoration measure, one of 

the beams (CB5) in Phase II testing was repaired using injected epoxy and retested using the same 

wind loading protocol. As noted previously, one of the main goals of the study was to assess the 

seismic performance of coupling beams subjected to prior (modest) inelastic deformation demands 

under wind loading protocols. To this end, after completing the beam tests under WLPs, the beams 

were subjected to standard, quasi-static, reversed cyclic seismic loading protocols. The seismic 

loading protocol was initiated at the largest wind displacement demand (approximately 1.5% or 

2% chord rotation) and then subjected to larger rotation demands (e.g., 3 cycles at 3% rotation and 

then 2 cycles at larger rotation levels) until significant strength loss was observed. Primary findings 

of the research included: 

• Following the seismic requirements of ACI 318-19 Section 18.10.7 was not necessary to 

achieve acceptable performance under the applied wind loading protocols. No crushing or 

spalling of concrete or buckling or fracture of reinforcing bars was observed in all beam 

tests. 

• Comparing test results for two very similar beams, a 1/2-scale RC coupling beam (referred 

to as CB24F-RC) tested by Naish et al. (2013) under a seismic loading protocol and CB4  

tested under a wind loading protocol demonstrated that the loading protocol did not affect 

beam strength; however, for roughly the same ductility demand, slightly less initial 

stiffness and more hysteric pinching were observed under the wind loading protocol. 
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• Testing with a non-zero mean loading protocol resulted in higher residual rotations than 

testing of beams with a zero mean loading protocol. 

• Increasing the number of the inelastic cycles by a factor of four did not significantly affect 

beam behavior. 

• Varying the applied wind loading protocol did not impact the reserve seismic capacity of 

the beams, except for the case where the entire wind loading protocol was applied more 

than once.  

• Injecting epoxy into cracks was effective in preventing the cracks from re-opening; 

however, the repair was only modestly effective in restoring initial stiffness.  

• Comparing beams tested first under wind loading and then seismic loading with similar 

beams reported in the literature and tested under seismic loading only showed that the 

application of the wind loading protocol did not significantly affect the strength, axial 

growth, energy dissipation capacity, deformation capacity, and failure mode under the 

seismic loading protocol. The most significant influence of the prior nonlinear wind 

demands was a reduction in the initial stiffness (ranging from 10% to 63%). 

• Allowing limited nonlinearity with a maximum ductility demand of 1.5 in coupling beams 

provides a reliable mechanism to dissipate energy through concrete cracking and 

reinforcement yielding without compromising the strength and stability of the beam. 

1.4. Motivation and Objectives 

The advantages of performance-based wind design (PBWD) are considered to be most impactful 

in the design of tall buildings. It is very common for engineers to use coupled core-wall systems 

for this purpose. These systems usually consist of C-shaped and/or I-shaped shear walls connected 

with coupling beams at the floor levels. Although there are some tests in the literature that focus 
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on the behavior of coupling beams under wind loading protocols, there are no published studies 

addressing issues for structural walls. 

To address this research gap on the performance of coupled core walls under wind loading 

protocols, four C-shaped reinforced concrete shear walls were designed, constructed, and tested 

under wind loading protocols. The test program was conducted in two phases. Phase I consisted 

of testing two walls (CW-1 and CW-2) during the Spring and Summer of 2023. Based on the 

experimental results and feedback from a Project Advisory Committee (PAC) that included 

practicing structural engineers from four engineering firms involved in the design of tall RC core 

wall buildings for wind loads, two more walls (CW-3 and CW-4) were constructed and tested in 

Phase-II during the Winter and Spring of 2024. Test objectives included: 

• Assessing the performance of “Ordinary” walls, i.e., walls design and detailed according 

to Chapter 11 of ACI 318-19, to determine if additional design requirements are needed to 

achieve acceptable performance for modest inelastic demands under wind loading 

protocols.   

• Developing a test program that included four isolated C-shaped wall tests that could 

adequately represent the demands on C-shaped walls as components of a core wall of 

buildings designed and constructed in high-wind zones in the United States.  

• Testing of the four C-shaped walls under wind loading protocols.  

• Investigating the test results to evaluate ACI 318-19 design requirements and to 

recommend new design requirements, as needed. 

• Evaluating the reserve (residual) seismic capacity of C-shaped RC walls subjected to prior 

wind loading protocols with limited non-linear rotation demands 
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• Developing non-linear analytical models capable of reasonably replicating the measured 

test responses to advance modeling of core wall systems for PBWD.  

1.5. Report Outline 

This report is comprised of seven chapters and eight appendices. Chapter 1 includes background 

on the design of buildings under wind loading, recent developments in performance-based wind 

design, and the motivation and objectives of this research. Chapter 2 focuses on the experimental 

program, including test specimen design details, material property information, test setup, 

instrumentation, and loading protocols. The presentation of the experimental results is divided into 

four chapters; Chapters 3 and 4 include the test results of the first specimen tested (CW-1) under 

wind loading and seismic loading, respectively, and the test results of the rest of the walls (CW-2, 

CW-3, and CW-4) are given in Chapters 5 and 6 for the wind and seismic loading, respectively. 

Chapter 7 focuses on the details of the analytical model developed to represent the test walls and 

includes comparisons of analytical results with the experimental results. Summary and conclusions 

are given in Chapter 8. Appendices A through H include a variety of additional details on the test 

specimens and test results. 
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2. Experimental Program 

2.1. General 

The experimental program consisted of designing, constructing, and testing four C-shaped 

ordinary reinforced concrete structural walls in two phases. During Phase-I, two walls, CW-1 and 

CW-2, were constructed and tested during the Spring and Summer of 2023. Based on the 

experimental results of the Phase-I wall tests and feedback from a Project Advisory Committee 

(PAC), two more walls (CW-3 and CW-4) were constructed and tested in Phase-II during the 

Winter and Spring of 2024. This chapter provides details on test specimen design, construction 

materials, test setup, instrumentation and data acquisition, and test protocols.  

2.2. Test Specimen Design 

2.2.1. Phase-I 

The design of Phase-I wall test specimens was based on a review of drawings from actual buildings 

that were designed and constructed in high-wind and low-seismic zones in the United States. The 

buildings were located in Austin (Texas), Houston (Texas), Miami (Florida), and Chicago 

(Illinois), with roof heights ranging from 215 ft (65.5 m) to 525 ft (160 m). The lateral force-

resisting systems for the buildings mainly consisted of reinforced concrete core walls composed 

of C- and/or I-shaped wall segments connected with coupling beams. A review of the critical 

sections of the C-shaped walls used in these buildings, at the wall-foundation interface or just 

above the podium level where a significant decrease in floor area occurs, showed that the thickness, 

length, and longitudinal and transverse reinforcement ratios varied significantly. Table 2-1 

summarizes the details of eleven different C-shaped walls examined from four buildings.  
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Table 2-1: Review of C-shaped walls 

Wall 

Number 
 

Section 
Longitudinal 

Reinforcement 

Transverse 

Reinforcement 

Thickness 

(in.) 

Length 

(ft.) 
l/t Bar size ρl 

Spacing 

(in.) 
ρt 

#1 
Flanges 18 21 14.0 #6 0.0044 12 0.0029 

Web 18 29 19.3 #8 0.0081 12 0.0029 

#2 
Flanges 18 10 6.7 #6 0.0048 12 0.0029 

Web 12 29 29.0 #8 0.0062 12 0.0029 

#3 
Flanges 18 12 8.0 #5 0.0035 12 0.0029 

Web 18 19 12.7 #5 0.0032 12 0.0029 

#4 
Flanges 30 17 6.8 #10 0.0071 - - 

Web 36 23 7.7 #11 0.0279 - - 

#5 
Flanges 24 11 5.5 #11 0.0213 12 0.0042 

Web 24 23 11.5 #6 0.0031 - - 

#6 
Flanges 18 6.5 4.3 #9 0.0086 - - 

Web 18 6.5 4.3 #9 0.0091 12 0.0056 

#7 
Flanges 18 12 8.0 #11 0.0281 - - 

Web 18 21 14.0 #11 0.0255 6 0.0111 

#8 
Flanges 18 9.5 6.3 #9 0.0123 12 0.0019 

Web 24 20 10.0 #5 0.0123 12 0.0022 

#9 
Flanges 16 10 7.5 #8 0.0101 12 0.0021 

Web 24 20 10.0 #5 0.0101 12 0.0022 

#10 
Flanges 30 10 4.0 #11 0.0281 4 0.01 

Web 24 22 11.0 #11 0.0030 6 0.0083 

#11 
Flanges 30 18 7.2 #10 0.0083 12 0.0033 

Web 24 32.5 16.2 #9 0.0073 12 0.0031 

Mean 
Flanges 21.6 12.5 7.1 - 0.0124 - 0.0038 

Web 21.8 22.2 13.2 - 0.0105 - 0.0046 

Note: Empty cells indicate that no information was available. 

 

Based on a review of the data in Table 2-1 and discussions with the PAC, longitudinal 

reinforcement ratio (ρl) was selected as the test variable for the Phase-I wall test specimens. The 

longitudinal reinforcement ratios (ρl) for the walls in Table 2-1 range from 0.3% to 2.8%, with a 

mean value of 1.15%. For the first wall (CW-1), a ρl value of 0.75% was chosen to represent walls 
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with low-to-moderate longitudinal reinforcement ratios, whereas for the second wall (CW-2), the 

ratio was doubled to 1.5% to represent walls with moderate-to-high longitudinal reinforcement 

ratios. Due to test setup limitations (force demands), the use of a value greater than 1.5% was not 

practical. For CW-1, #3 (db = 0.375 in.) Grade 60 longitudinal (vertical) reinforcement was used, 

whereas, for CW-2, #4 (db = 0.5 in.) Grade 80 was used. Grade 80 longitudinal reinforcement was 

used because use of Grade 80 has become common for taller core wall buildings. Grade 60 #3 

reinforcement was used for CW-1 because Grade 80 #3 is not available in the United States. Grade 

60 6 mm (db = 0.24 in.) bars were used for transverse reinforcement in both test walls.  

Due to the minimum clear cover and clear spacing requirements for wall longitudinal 

reinforcement in ACI 318-19, a minimum practical wall thickness of 4 in. was determined for the 

test walls (e.g., for CW-2, with larger diameter bars). However, based on typical core wall 

geometry, the use of a 1.5% longitudinal reinforcement ratio and a typical gravity axial load ratio 

of P = 0.1Ag𝑓𝑐
′, where Ag is the wall gross cross-sectional area and 𝑓𝑐

′ the specified concrete 

compressive strength, use of a wall thicker than approximately 5 in. was not possible due to test 

setup limitations.  Therefore, a wall thickness of 5 in. was selected.  Ratios of wall length to wall 

web thickness (lw/tw) in Table 2-1 varied from 4.3 to 29, with a mean value of 13.25. A ratio of 15 

was selected for the test walls based on a review of wall tests by Abdullah (2019), resulting in a 

wall web length of 75 inches. Based on various considerations (e.g., coupling beam width-to-

depth, span-to-depth, typical core plan geometry), a flange length of (lf) of 30 in. was selected. The 

flange cross-section aspect ratio (lf/tf) of 6.0 for the test walls was similar to the average lf/tf value 

of 7.1 for the examined buildings. The resulting core wall geometry for the assumed test walls is 

shown in Figure 2-1. 
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Figure 2-1: Assumed core wall system and the selected test specimen dimensions 

(Dimensions are in inches) 

 

Since ASCE 7-16 requirements are based on elastic response under the design wind loads, wall 

detailing provisions are covered in Chapter 11 of ACI 318-19 (versus Chapter 18 for special walls). 

It is common practice to use a fairly uniform distribution of longitudinal reinforcement in ordinary 

core walls, although some concentration of longitudinal reinforcement at the wall boundary may 

be used for ordinary and special walls. Typical detailing at wall edges and corners for ordinary 

walls designed according to ACI 318-19 Chapter 11 consists of U-bars that are lapped to web 

horizontal reinforcement. Alternatively, a single closed tie is sometimes used at wall edges. Unlike 

special walls designed according to ACI 318-19 Chapter 18, for ordinary walls, lap splices of 

longitudinal reinforcement are permitted at critical sections because yielding of reinforcement is 

not expected. Therefore, longitudinal reinforcement was lap-spliced at the critical section (wall-

foundation interface) of the test walls. Figure 2-2 and Figure 2-3 show cross-sections of CW-1 and 
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CW-2, respectively. The detailing of the flange edges and the flange-web corners are shown in 

Figure 2-4. 

 

 

Figure 2-2: Cross-section and reinforcement of CW-1  

 

 

Figure 2-3: Cross-section and reinforcement of CW-2 
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Figure 2-4: Flange edge detailing (left), Flange-Web corner detailing (right) 

 

The behavior of lap splices under monotonic and cyclic loading has been extensively studied since 

the 1960s; however, there are no published studies on the behavior of lap splices under wind-

loading protocols (WLPs). Although there are tests where the lap splices are subjected to inelastic 

cyclic loading, the loading protocol used in these tests does not reasonably represent recently used 

wind loading protocols (e.g., Abdullah et al. 2020) in terms of the number of cycles, the amplitude 

of the demands (both tensile and compressive), and the ramp-up and ramp-down behavior. Details 

on the WLP used in this study are described later in Section 2.6.2. Because constructing and testing 

C-shaped walls is rather expensive and complicated, a supplemental study was conducted to 

investigate the behavior of lap splices under WLPs in T-beam test specimens. The details and 

results of this study are reported elsewhere by Unal et al., (2024) and Halim (2024). A brief 

summary of the tests and the test results are provided in the following paragraphs.  

Since the longitudinal reinforcement strain demands of the lap spliced rebars were higher for CW-

2 (#4 Grade 80 bars) compared to CW-1 (#3 Grade 60 bars), the T-beams were designed to have 

the same conditions; bar size and grade, cover, thickness, and strain gradient (neutral axis 

depth/section depth) as CW-2. Therefore, #4 Grade 80 spliced reinforcement was used. Similarly, 

beams with 5 in. thick webs were constructed with clear cover of 5/8 in. to the transverse 
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reinforcement to match the conditions in the wall tests (Figure 2-5). The beams were designed to 

be 78 in. long and 10 in. deep, resulting in a span-to-depth ratio of 7.8. Top reinforcement consisted 

of two Grade 60 #8 longitudinal bars to prevent yielding under tension when the bottom spliced 

bars were subjected to high compressive strain demands (Figure 2-5). The flanges of the beams 

were 8.5 in. long and 2 in. deep to result in similar beam strain gradients as for the wall specimen 

CW-2. The test setup for the beams was designed to apply a constant moment over the spliced 

region. According to ACI 318-19 §11.7.3, the spacing (s) of the transverse reinforcement in cast-

in-place walls should not exceed the lesser of; 3 times the wall thickness (15 in.), 18 inches (6 

inches for 1/3 scaled test walls), and lw/5 (75 in./5 = 15 in.). Therefore, initially, 6 in. spacing of 

stirrups was used for the test beams. A naming convention for each test beam was selected as B-

SX-Y, where X is the spacing of the transverse reinforcement, and Y is the splice length. 

 

 

Figure 2-5: Cross-section and plan view of the T-beams 

 

 

The splice lengths used in the T-beam test specimens were based on the ACI 318-19 §25.4.2.4 and 

§25.5.2 provisions:   

𝑙𝑠 = 1.3 × 𝑙𝑑 (2.1) 

  

𝑙𝑑 = [
3

40

𝑓𝑦

𝜆√𝑓𝑐
′

𝛹𝑡𝛹𝑒𝛹𝑠𝛹𝑔 

(
𝑐𝑏 + 𝐾𝑡𝑟

𝑑𝑏
)

] 𝑑𝑏 
(2.2) 
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where ls is the splice length, ld is the development length, fy is the yield strength of the 

reinforcement, 𝜆 is the lightweight concrete modification factor, fc’ is the concrete compressive 

strength, cb is the lesser of the distance from the center of the spliced reinforcement to the nearest 

concrete surface and one-half of the center-to-center spacing between longitudinal reinforcement 

in the same layer, Ktr is the transverse reinforcement index, db is the diameter of the spliced 

reinforcement, and 𝛹𝑡 , 𝛹𝑒 , 𝛹𝑠, 𝛹𝑔 are modification factors according to ACI 318-19 Table 25.4.2.5. 

Using Equation (2.2), ld was computed to be 12.3 in., resulting in a splice length (Equation (2.1) 

of 1.3(12.3 in.) = 16.0 in.; therefore, initial T-beam tests were conducted on beams with 6 in. 

spacing of transverse reinforcement and a 16.0 in. splice length (i.e., B-S6-16). For B-S6-16, splice 

failure occurred prior to completing the WLP (see Unal et al., 2024 and Halim, 2024). Therefore, 

additional tests were conducted, with the primary variables being the splice length and the quantity 

of transverse reinforcement along the splice. The splice length was multiplied by 1.25 to account 

for overstrength and strain hardening of the longitudinal reinforcement, as is done in ACI 318-19 

§18.10.2.3 for special walls, resulting in a splice length of ls = 1.25(1.3)ld = 20 in. The spacing of 

transverse reinforcement was reduced to 3 in. and 2 in. for the additional tests. Therefore, the 

resulting beam tests are referred to as B-S3-20 and B-S2-20.  The beams were subjected to wind 

loading protocols that resulted in tensile and compressive strain demands for the spliced 

reinforcement that were the same as those expected for the outer layer of the CW-2 spliced rebars 

(see Halim et al., 2024). The test results showed that the lap splices failed at yield for the beam 

designed based on the minimum ACI 318-19 requirements (B-S6-16). The second beam (B-S3-

20) failed during the WLP before reaching the peak (nonlinear) demand for the WLP. However, 

for the third beam (B-S2-20), the WLP was applied successfully without splice failure. It is noted 

that the T-beam tests represent a worst-case scenario for the wall tests since the tension 
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reinforcement for the beam tests consists of a single layer and, unlike the wall, where tension 

reinforcement consists of multiple layers (i.e., spice failure of the outer bars would not be expected 

to result in substantial strength loss, as it would be the T-beam tests). Therefore, splice performance 

in the wall tests was expected to be at least as good as the performance observed in the T-beam 

tests. Based on the T-beam splice tests, splice lengths for the test walls were calculated to be 10 in. 

and 20 in. long (ls=1.25(1.3)ld) for CW-1 and CW-2, respectively, with 2 in. spacing of transverse 

reinforcement. Similarly, seismic crossties (135-degree hook at one end, 90-degree at the other, 

referred to as 135-90 crossties herein) were provided around the spliced bars of the flange and the 

first layer web reinforcement to provide a corner of a U-bar or a crosstie for all the spliced bars 

with high expected tensile strain demands (longitudinal reinforcement located in the flange).   

Since the wall tests were to be conducted on wall panels subjected to moment and shear at the top 

of the panel (versus cantilever walls, see Section 2.4), the spacing of transverse reinforcement 

above the splice region also needed to be determined. Models for buckling of reinforcement 

developed by Rodriguez et al. (1999), Moyer & Kowalsky (2003), Hilson et al. (2014), Motter et 

al. (2018), and Rodriguez and Iñiguez (2019) were used to determine the spacing of the transverse 

reinforcement above the spliced region. Based on analysis (see Appendix A), buckling of 

longitudinal reinforcement was expected to occur immediately above the splice in the flange 

during or right after the wind loading protocol was completed if a 6 in. spacing was used (the 

maximum spacing allowed, see prior discussion). Therefore, a 3 in. spacing of 135-90 crossties 

was used above the splice region within the flanges up to the height of the assumed plastic hinge 

length equal to one-half of the wall web length (Lp=lw/2). Above the plastic hinge region, the 

spacing was increased to 6 inches, and the crossties were eliminated. Due to the lower strain 

demands for longitudinal web reinforcement, a spacing of 6 in. was used immediately above the 
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splice region for the wall web transverse reinforcement, and the crossties were not used. Elevation 

views of the flanges and web of CW-1 and CW-2 are shown in Figure 2-6 and Figure 2-7, 

respectively. 

More detailed information on the calculation of the development length for the wall longitudinal 

reinforcement, including wall starter bars anchored into the footing and overlapping U-bars at wall 

edges and corners, can be found in Appendix B. The footings and the top caps were designed to 

sustain the load demands from the wall test without cracking or failure. Appendix C provides the 

dimensions and the reinforcement details of the footing and the top cap. Appendix D shows the 

fabrication of the test specimens. 
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Figure 2-6: CW-1 flange and web elevations 
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Figure 2-7: CW-2 flange and web elevations 

 

2.2.2. Phase-II 

After completing the Phase-I tests, two more C-shaped walls (CW-3 and CW-4) were constructed 

and tested in Phase-II of the research project. Test results from Phase-I showed that the wall with 

the lower longitudinal reinforcement ratio (CW-1, ρl = 0.75%) sustained no significant damage 

during the wind loading protocol, and subsequent testing of CW-1 under a seismic loading protocol 

resulted in substantial lateral strength loss (60%) at a plastic hinge rotation demand of 20 times 

yield plastic hinge rotation (20ϴy), whereas, for the WLP, the maximum rotation demands were 

3ϴy. Additional information on the test results for CW-1 is included in Chapters 3 and 4. Given 
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this excellent performance of CW-1, Phase-II tests focused on changes to CW-2 (ρl = 1.5%), which 

sustained significant damage at the flange edges during the WLP. Significant lateral strength loss 

(55%) was observed for CW-2 due to concrete crushing at the flange edges during the first cycle 

of SLP at a rotation demand of 4.5ϴy. Based on the test results and the feedback from the PAC, 

the quantity (ρl of 1.5%) and distribution (uniform) of the longitudinal reinforcement was not 

changed.  

The variables for the Phase-II tests were selected to be the axial load applied during the biaxial 

loading (Section 2.6) and the detailing used at the flange boundaries (amount and the distribution 

of transverse reinforcement). Similar to the Phase-I tests, the gravity axial load applied during the 

in-plane lateral loading (parallel to the wall web) was held constant at 500 kips (PIP = 0.1Agf ’c). 

However, for the Phase-II tests, during the application of the biaxial loading, where the flange 

edges were under compression (Positions B and E, Figure 2-37), the axial load was decreased to 

0.05Agf ’c and 0.075Agf ’c for CW-3 and CW-4, respectively, based on the range of wall axial load 

variation due to the presence of coupling beam shear forces over the wall height. More details 

regarding the gravity and the variation of the axial load during biaxial loading can be found in 

Section 2.6.1.  

Apart from the variation of the axial load, the amount of confinement provided at the flange edges 

was increased for CW-3 and CW-4 compared to CW-2. A procedure similar to that developed by 

Wallace and Orakcal (2002) was used to calculate the length of the region where confinement 

should be provided at the flange boundary. This approach is also used in ACI 318-19 §18.10.6.2 

for detailing the special boundary elements of structural walls. The requirements in ACI 318-19 

are based on a simple displacement-based approach and an assumed compression strain limit for 

unconfined concrete (εcl =  0.003, Figure 2-8) to calculate the region of the wall (c’’, Figure 2-8) 
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over which closely spaced transverse reinforcement is required. The approach used for this 

assessment is summarized in the following paragraphs.  

The displacements at the top of the wall can be calculated using the curvature at the base of the 

wall as follows,  

𝛿𝑢 = 𝜃𝑝ℎ𝑤 =  (ϕ𝑢𝑙𝑝)ℎ𝑤 =  (
𝜀𝑐𝑢

𝑐

𝑙𝑤

2
) ℎ𝑤   (2.3) 

𝜀𝑐𝑢  = 2 [
𝛿𝑢

ℎ𝑤
] [

𝑐

𝑙𝑤
] (2.4) 

 

where c is the neutral axis depth computed for the concrete strain of 0.003, δu is the design 

displacement, hw and lw are the height and the length of the wall, respectively, φu is the ultimate 

curvature, ϴp is the plastic rotations at the base of the wall, and εcu is the extreme fiber compressive 

strain associated with the ultimate curvature (φu).  Using similar triangles (Figure 2-8), c’’ can be 

determined as, 

𝑐" = 𝑐 [1 −
𝜀𝑐𝑙

𝜀𝑐𝑢
] (2.5) 

 

By combining Equations (2.4 and (2.5, and using a value of 0.003 for εcl, the following relationship 

can be derived. 

𝑐"

𝑙𝑤
=  

𝑐

𝑙𝑤
−

1

667(𝛿𝑢 ℎ𝑤)⁄
 (2.6) 

 

A value of 0.015 was proposed for δu/hw by Wallace and Orakcal (2002) for seismic detailing of 

the walls; however, since the purpose of these tests is to investigate their behavior under wind 

demands, the use of a smaller value is appropriate. During the testing of CW-2, the plastic hinge 

yield rotation (ϴy,CW2) was observed to be 0.003; therefore, the maximum WLP hinge rotation 
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demand should be 3ϴy = 0.009. Therefore, to reach 3ϴy, the roof level drift (δu/hw) can be estimated 

as approximately 0.01 (assuming the contribution of elastic deformations over the wall height to 

roof drift is small). Consequently, the wall length where confinement should be provided for test 

specimens CW-3 and CW-4 was calculated as:   

𝑐" = 𝑐 − 0.15𝑙𝑤 (2.7) 

 

Figure 2-8: Wall strain distributions and the required length of confinement (Wallace and 

Orakcal, 2002) 

 

For the calculation of cεc=0.003, the commercial software CSICol (CSI) was used. The WLP 

developed for the C-wall tests (see Section 2.6.2) included biaxial loading in which the walls were 

first displaced in the in-plane direction (parallel to the web) to specific inelastic rotation demands 

and then loaded in the out-of-plane direction (parallel to the flanges) to half of the probable 

moment capacities (0.5Mpr,OOP, calculated with 1.25fy at εc=0.003, ACI 318-19). Therefore, the 

neutral axis depth at an extreme fiber concrete strain of 0.003 (cεc=0.003) was calculated under 

biaxial loading with axial loads of 0.05Agf ’c and 0.075Agf ’c for CW-3 and CW-4, respectively. 

After applying half of the probable moment capacity in the out-of-plane direction (flanges are 

under compression), sufficient in-plane moment demands (Mu,IN) were applied so that the resulting 

extreme fiber concrete strain was (εc) equal to 0.003. Table 2-2 summarizes the applied moment 

demands, the resulting neutral axis depth under biaxial loading (cb), the distance from the extreme 

compression fiber to the tension fiber (lw,b), and the length of the flange edges that require 
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confinement (c”). Results are summarized in Figure 2-9 and Figure 2-10 for CW-3 and CW-4, 

respectively. Based on this procedure, for CW-3, a single hoop was used to confine the region 

between the first two layers of flange longitudinal (vertical) reinforcement. Similarly, a longer 

hoop that confines the area between the first and the third layers of longitudinal (vertical) 

reinforcement was used, along with a 135-90 crosstie for the second layer of reinforcement for the 

flanges of CW-4. Figure 2-11 and Figure 2-12 show the cross-sectional details of Phase-II walls 

(CW-3 and CW-4, respectively), which have the same cross-section dimensions, and quantity and 

grade of longitudinal reinforcement as wall CW-2. The spacing of the transverse reinforcement 

over the splice region (h ≤ Ls) and between the top of the splice and the height of the plastic hinge 

region (Ls<h≤Lp) were not changed, i.e., values of 2 in. and 3 in. were used, respectively. However, 

above the plastic hinge region (h>Lp), the spacing was decreased from 6 in. to 4.5 in. to provide 

sufficient shear capacity calculated based on ACI 318-19 §11.5.4. Figure 2-13 shows the detailing 

provided at the flange edges of Phase-II walls. 
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Table 2-2: Summary of biaxial analysis results 

 CW-3 CW-4 

Axial Load Ratio(1) 0.05Agf ’c 0.075Agf ’c 

Axial Load (kips) 250 375 

Mpr,IN
 (2) (k-ft) 3516 3862 

Mpr,OOP+y
 (3) (k-ft) 1310 1330 

Mu,IN (k-ft) @ εc=0.003 3005 3340 

Mu,OOP+y (k-ft) @ εc=0.003 655 665 

Mu,IN / Mpr,IN 0.85 0.86 

Mu,OOP+y / Mpr,OOP+y 0.5 0.5 

cb
 (4) (in.) 15.1 18.9 

lw,b 
(5) (in.) 80.0 78.6 

cb – 0.15lw,b (in.) 3.1 7.1 

(1) Axial load ratios applied at Positions B and E (Figure 2-37)  

(2) In-plane probable moment capacity calculated under the given axial load 
(3)

 Out-of-plane probable moment capacity, flanges under compression 
(4)

 Biaxial neutral axis depth 
(5)

 Distance from the extreme compression fiber to the tension fiber
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Figure 2-9: Biaxial analysis of CW-3, compressive strains, and the biaxial neutral axis 

depth 
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Figure 2-10: Biaxial analysis of CW-4, compressive strains, and the biaxial neutral axis 

depth 
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Figure 2-11: Cross-section of CW-3 

 

 

Figure 2-12: Cross-section of CW-4 

 



 

36 

 

 

Figure 2-13: Flange edge detailing, CW-3 (left), CW-4 (right) 

2.2.3. Test Matrix 

The maximum shear stress in the in-plane loading direction during testing was limited to 4.25 

times the square root of concrete nominal strength, i.e., νMpr,IN = 4.25√f ’c, for the walls with 1.5% 

reinforcement ratio (CW-2, CW-3, and CW-4) based on input from the PAC. The shear span ratio 

in the in-plane direction (SSRIN) at probable moment capacity (Mpr,IN) was determined as Mpr,IN / 

V@Mpr,IN(lw) where V@Mpr,IN was calculated as the shear stress times the gross area (νMpr,INAg) 

resulting in SSRIN = 4.72. To enable direct comparisons, the SSRIN value was held constant for all 

test specimens. Therefore, for CW-1, a value of 2.60√f ’c was used for νMpr,IN. Similarly, the 

maximum shear stress in the out-of-plane direction when the flanges are under compression 

(νMpr,OOP+y) was limited to 3.50√f ’c at probable moment capacity (Mpr,OOP+y) based on input from 

PAC, which resulted in shear span ratios (SSROOP) of 4.80 and 5.75 for CW-1 and CW-2-3-4, 

respectively. The same SSROOP value was also used in the -y direction of the out-of-plane loading 

(web under compression). Therefore, νMpr,OOP-y values were 1.77√f ’c and 2.42√f ’c for CW-1 and 

CW-2-3-4, respectively. Table 2-3 summarizes the test matrix of Phase-I and Phase-II tests. 
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Table 2-3: Test matrix 

 CW-1 CW-2 CW-3 CW-4 

Web Thickness, tw (in.) 5 

Flange Thickness, tf (in.) 5 

Web Length, lw (in.) 30 

Flange Length, lf (in.) 75 

Long. Reinf. Ratio, ρl (%) 0.75 1.5 1.5 1.5 

Long. Reinf. Size #3 #4 #4 #4 

Long. Reinf. Grade Grade 60 Grade 80 Grade 80 Grade 80 

Axial load ratio (Pos. A and 

D)* 
0.1Agf ’c 0.1Agf ’c 0.1Agf ’c 0.1Agf ’c 

Axial load ratio (Pos. B 

and E)* 
0.1Agf ’c 0.1Agf ’c 0.05Agf’c 0.075Agf ’c 

Axial load ratio (Pos. C 

and F)* 
0.1Agf ’c 0.1Agf ’c 0.1Agf ’c 0.1Agf ’c 

Reinf. Distribution Uniform Uniform Uniform Uniform 

Flange Edge Detailing 
Overlapping U-

bars 

Overlapping U-

bars 
Hoops Hoops 

Web Corner Detailing 
Overlapping U-

bars 

Overlapping U-

bars 

Overlapping U-

bars 

Overlapping U-

bars 

Splice Length, ls (in.) 10 20 20 20 

νMpr (Pos. A and D)* 2.60√f ’c 4.25√f ’c 4.25√f ’c 4.25√f ’c 

νMpr (Pos. B and E)* 3.50√f ’c 3.50√f ’c 3.50√f ’c 3.50√f ’c 

νMpr (Pos. C and F)* 1.77√f ’c 2.42√f ’c 2.42√f ’c 2.42√f ’c 

SSRIN 4.72 4.72 4.72 4.72 

SSROOP 4.80 5.75 5.75 5.75 

* Loading positions from Figure 2-37 
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2.3. Material Properties 

2.3.1. Concrete 

The concrete mix used for both the Phase-I and Phase-II tests was designed to have an 8000 psi 

strength on the day of testing, i.e., f ’c,expected = 8000 psi. Therefore, a concrete design strength of 

6000 psi mix (f ’c = 6000 psi) was used based on strength data provided by the supplier. Due to the 

small clear cover over longitudinal and boundary transverse reinforcement (<1 in.), a mix based 

on a maximum aggregate size of 3/8 in. was used. More details regarding the concrete mix can be 

found in Appendix E. Phase-I wall specimens (CW-1 and CW-2) were cast in February 2023. 

During casting, 4 in. diameter cylinder samples were collected to test the concrete strength at 7 

days, 14 days, 28 days, and the day of the testing. For CW-1, testing was started approximately 

120 days after concrete placement, whereas, for CW-2, testing was started approximately 210 days 

after concrete placement. Table 2-4 summarizes the concrete cylinder test results for CW-1 and 

CW-2 walls. The difference between the test day results of CW-1 and CW-2 was attributed to the 

fact that concrete from different trucks were used due to the total amount of concrete needed to 

cast the wall samples and the top caps simultaneously. Figure 2-14 shows the stress-strain curves 

obtained from the test day cylinder test results for CW-1 and CW-2.  

Table 2-4: Concrete cylinder test results (Phase-I walls) 

Sample 7 Days 14 Days 28 Days Test Day CW-1 Test Day CW-2 

1 6968 psi 8165 psi 8001 psi 7934 psi 10042 psi 

2 6828 psi 8176 psi 9068 psi 7945 psi 10777 psi 

3 - - 7942 psi 8049 psi 10002 psi 

4 - - - - 10538 psi 

Average 6898 psi 8170 psi 8337 psi 7976 psi 10340 psi 

 



 

39 

 

 

 

Figure 2-14: Test Day concrete stress-strain curves (Phase-I walls) 

 

Like the Phase-I walls, concrete cylinder samples were also collected during the casting (April 

2024) of Phase-II walls (CW-3 and CW-4). The samples were tested at 7 days and 28 days, and at 

test day, which was 28 days for CW-3 wall and 56 days for CW-4. It is noted that the cylinder tests 

were conducted at the beginning of testing and that testing typically required 4 to 5 days to 

complete. Unlike the Phase-I walls, concrete from the same truck was used to cast both test 

specimens. Therefore, the test day strengths of CW-3 and CW-4 were more similar to each other. 

Table 2-5 summarizes the cylinder test results. The stress-strain curves for the Phase-II walls were 

only measured at 28 days and are shown in Figure 2-15.  
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Table 2-5: Concrete cylinder test results (Phase-II walls) 

Sample 7 Days 
28 Days & Test 

Day CW-3 
Test Day CW-4 

1 7182 psi 8045 psi 7715 psi 

2 6946 psi 7663 psi 8076 psi 

3 6926 psi 8055 psi 8425 psi 

4 - 7965 psi 8493 psi 

Average 7018 psi 7932 psi 8177 psi 

 

 

Figure 2-15: 28 Days concrete stress-strain curves (Phase-II walls) 
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The experimental concrete elastic modulus (Ec,exp), defined as the slope of a line drawn from zero 

stress to 40 percent of the compressive strength (ASTM C469), was calculated from Figure 2-14 

and Figure 2-15 and compared with the proposed values of Ec from ACI 318-19 (2019) for normal 

strength concrete (NSC) and ACI 363R (2010) for high strength concrete (HSC, f ’c>6000 psi) in 

Table 2-6. The equations for Ec for  NSC and HSC are shown in Equations (2.8) and (2.9), in which 

the average values from Table 2-4 and Table 2-5 were used for f ’c. The comparisons between the 

experimentally calculated values and the values determined from Equations (2.8) and (2.9) show 

that, although the high-strength concrete equation recommended by ACI 363R provided a better 

estimate, the experimental concrete elastic moduli determined from the stress-strain relations were 

27%, 16%, and 18% lower for CW-1, CW-2, and CW-3, respectively. One reason for the lower 

stiffness values could be the use of 3/8 in. aggregate in the mix design. The strain data was not 

measured for the test day cylinders of CW-4.  

 

𝐸𝑐 = 57000√𝑓′𝑐 (𝑖𝑛 𝑝𝑠𝑖) 𝐴𝐶𝐼 318 − 19, 𝑁𝑆𝐶  (2.8) 

𝐸𝑐 = 40000√𝑓′𝑐 + 106 (𝑖𝑛 𝑝𝑠𝑖) 𝐴𝐶𝐼 369𝑅 − 10, 𝐻𝑆𝐶  (2.9) 

 

Table 2-6: Average concrete modulus of elasticity at the test day 

 CW-1 CW-2 CW-3 

Ec, ACI 318-19 5090 ksi 5796 ksi 5076 ksi 

Ec, ACI 363R 4572 ksi 5067 ksi 4562 ksi 

Ec,exp 3316 ksi 4260 ksi 3725 ksi 
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2.3.2. Reinforcement 

No.3 ASTM A706 (ASTM A706/A706M-22, 2022) Grade 60 (nominal yield strength of 60 ksi) 

and No.4 A706 Grade 80 (nominal yield strength of 80 ksi) deformed bars were used for the 

longitudinal reinforcement of CW-1 and CW-2-3-4, respectively. Since deformed bars smaller than 

No.3 bars are not produced in the United States, 6 mm (db = 0.24 in.) deformed bars that were used 

for the transverse reinforcement of the walls were imported from Australia. Three or four samples 

for all the bar sizes were tested using the test setup shown in Figure 2-26 to measure the mechanical 

properties of the reinforcement. Figures Figure 2-17, Figure 2-18, and Figure 2-19 show the stress-

strain relationships of the reinforcement, and the tested material properties are summarized in 

Tables Table 2-7Table 2-8, and Table 2-9 for #3, #4, and 6 mm bars, respectively.  

 

 

Figure 2-16: Steel reinforcement tension test setup 
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Table 2-7: Steel reinforcement tensile stress-strain properties of #3 Grade 60 bars 

 fy,test (ksi) εy fpeak (ksi) frup (ksi) εrup 

Sample 1 68.3 0.0024 101.5 83.3 0.10 

Sample 2 71.3 0.0025 101.0 77.1 0.12 

Sample 3 75.6 0.0026 106.5 87.8 0.16 

Average 71.7 0.0025 103 82.7 0.13 

 

Table 2-8: Steel reinforcement tensile stress-strain properties of #4 Grade 80 bars 

 fy,test (ksi) εy,test fu,test (ksi) frup,test (ksi) εrup,test 

Sample 1 85.3 0.0029 109.7 78.5 0.16 

Sample 2 85.0 0.0029 109.7 78.1 0.15 

Sample 3 84.5 0.0029 110.0 79.2 0.14 

Sample 4 84.5 0.0029 111.0 81.8 0.16 

Average 84.8 0.0029 110.1 79.4 0.15 
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Table 2-9: Steel reinforcement tensile stress-strain properties of 6 mm deformed bars 

 fy,test (ksi) εy,test fu,test (ksi) frup,test (ksi) εrup,test 

Sample 1 70.0 0.0024 76.9 58.7 0.04 

Sample 2 67.0 0.0023 74.7 56.6 0.11 

Sample 3 69.0 0.0024 77.2 58.5 0.06 

Sample 4 68.8 0.0024 77.0 61.8 0.06 

Average 68.7 0.0024 76.5 58.9 0.07 

 

 

Figure 2-17: Steel reinforcement tensile stress-strain relationship of #3 Grade 60 bars 
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Figure 2-18: Steel reinforcement tensile stress-strain relationship of #4 Grade 80 bars 

 

 
Figure 2-19: Steel reinforcement tensile stress-strain relationship of 6 mm deformed bars 
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2.4. Test Setup 

The test setup used for the experiments (see Figure 2-20) was capable of applying both moments 

and shear at the top of the wall in both the in-plane (x-dir., parallel to the web) and in the out-of-

plane directions (y-dir., parallel to the flanges). The in-plane moments were applied using the two 

vertical actuators (Actuators 2 and 3, Figure 2-21), and in-plane shear was applied using a 

horizontal actuator (Actuator 1). These actuators were connected to a structural steel loading beam 

that the specimens were attached to through the top cap using high-strength post-tensioning 

Dywidag bars. The specimens were attached to the steel beam at the centroid of the top cap, which 

was also aligned with the center of mass of the walls. Using these three actuators and the shear 

span ratio (SSR) of 4.72 (Table 2-3), the moment demand at the top of each wall (88 in. above the 

footing) when the base of the wall reaches the probable moment capacity (Mpr) can be calculated 

as: 

 

𝑀𝑏𝑎𝑠𝑒 = 𝑀𝑝𝑟 = 𝑆𝑆𝑅 × 𝑉 × 𝐿𝑤  

𝑀𝑡𝑜𝑝 = 𝑀𝑏𝑎𝑠𝑒 − 𝑉 × 88 𝑖𝑛. =  𝑀𝑏𝑎𝑠𝑒 −
𝑀𝑏𝑎𝑠𝑒

4.72 × 75 𝑖𝑛.
× 88 𝑖𝑛. (2.10) 

𝑀𝑡𝑜𝑝 = 0.75𝑀𝑏𝑎𝑠𝑒 = 0.75𝑀𝑝𝑟  

 

Two horizontal actuators (Actuators 4 and 5, Figure 2-22) were used to apply out-of-plane (OOP) 

shear loads, one vertical actuator (Actuator 6) was used for the OOP moment application (at the 

top of the specimen). Applying the in-plane shear loads through the center of the mass of the C-

shaped specimens resulted in eccentric loading with the shear center of the C-shaped specimens. 

Actuators 4 and 5 also resisted the torsional moment demands during the in-plane loading, which 

resulted from this eccentricity. The gravity axial load was applied through four 125 kips capacity 
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(each) hydraulic jacks located at the top of the top cap. These jacks were connected to the strong 

floor through steel spreader beams (Figure 2-23).  

 

 

Figure 2-20: Isometric view of the test setup 
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Figure 2-21: In-plane loading actuators only (Dimensions are in inches) 

 

 

Figure 2-22: Out-of-plane loading actuators only (Dimensions are in inches) 
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Figure 2-23: Axial load application (Dimensions are inches) 

2.5. Instrumentation 

2.5.1. Linear Variable Differential Transformers (LVDTs) 

Each test specimen was instrumented with more than 60 linear variable differential transformers 

(LVDTs). For Phase-I walls (CW-1 and CW-2), 62 LVDTs were used. This number was increased 

to 65 and 67 for CW-3 and CW-4, respectively. The LVDTs were used to measure the wall flexural 

deformations, shear deformations, slip-extension at the wall-footing interface, shear sliding 

displacements, lateral displacements both in the in-plane and out-of-plane directions of the wall, 

top cap, and the footing, and the uplift of the footing from the laboratory strong floor. Also, four 

LVDTs (control sensors) were used to calculate the plastic hinge rotations to control the test 

displacement demands. Table 2-10 summarizes the total number of LVDTs used. Figures Figure 

2-24,Figure 2-25, and Figure 2-26 illustrate the locations of these LVDTs. Figure 2-27 shows the 
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distances of the control sensors from the concrete surface both in the x- and y-directions. A range 

of values is given due to slight differences in the exact locations of the LVDTs between the walls. 

Similarly, Figure 2-28 shows the locations of the vertical LVDTs with respect to the flange edges 

and the web corners, and the horizontal distances to the concrete surface. The range of values 

represents the differences due to different walls and also the different layers of LVDTs along the 

height of the wall. 

 

Table 2-10: Total number of LVDTs 

 Total # of LVDTs 

Flexural deformations 26(1) 

Shear deformations 10 

Slip-Extension 6 

Lateral displacements 10 

Shear Sliding displacements 2 

Footing uplift 4(2) 

Plastic hinge rotations 4 
(1) 30 for CW-3 and 32 for CW-4 
(2) 3 for CW-3 and CW-4   
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Figure 2-24: LVDT layout (Web inner surface) 
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Figure 2-25: LVDT layout (flange outer surfaces) 

 

 

Figure 2-26: LVDT layout (control sensors and lateral displacements) 
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Figure 2-27: Distances of the control sensors from the concrete surface, flange edges, and 

the flange-web corners 

 

 

 

Figure 2-28: Distance of the vertical LVDTs from the concrete surface, flange edges, and 

the flange-web corners 
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2.5.2. Strain Gauges 

For Phase-I walls, 32 strain gauges were used for each wall at various locations to measure the 

strains of longitudinal reinforcement, U-bars, cross-ties, and transverse reinforcement for the 

flanges and the web.  After the Phase-I experiments, it was found that most of the strain gauges 

mounted on the 6 mm rebars were not functioning correctly. Therefore, for the Phase-II specimens, 

the number of strain gauges was decreased to 13. Figure 2-29 through Figure 2-32 illustrate the 

locations of the strain gauges for Phase-I and Phase-II walls. 

 

i 

Figure 2-29: CW-1 strain gauge layout 
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Figure 2-30: CW-2 strain gauge layout 

 

 

Figure 2-31: CW-3 strain gauge layout 
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Figure 2-32: CW-4 strain gauge layout 

 

2.5.3. Digital Image Correlation (DIC) 

Digital image correlation (DIC) is a method to calculate the surface displacements of a solid object 

by tracking a pattern in a sequence of images. By using DIC, the surface displacements and the 

strains of the test specimens were calculated using a series of pictures and an open-source software 

called DICe. Although this method does not require any physical instrumentation attached to the 

test specimen, which makes it more advantageous compared to LVDTs, it is highly dependent on 

the surface damage of the specimens. After the cover spalling, the displacements obtained by this 

method are not reliable.  

The outer surfaces of the web and the west flange of each specimen were painted with random 

patterns of black shapes (Figure 2-33). The painting was done to keep the size of each random 

shape to be at least 5-by-5 pixels and a maximum of 15-by-15 pixels to be able to get the maximum 

amount of information from surface cracking and displacements. Three high-resolution cameras 
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were used to take the DIC images while testing the Phase-I walls. While two cameras were used 

to take pictures of the web of the specimens, the other one was used for the west flange. For Phase-

II, only one camera was used per web and flange (Figure 2-34). 

 

 

Figure 2-33: Digital image correlation pattern 
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Figure 2-34: DIC cameras and their line of sight 
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2.6. Loading Protocols 

2.6.1. Axial Load 

An axial load of 0.1Agf ’c = 500 kips (f ’c = 8 ksi), was applied to each test wall to represent gravity 

axial loads. This value was selected based on the review of drawings for actual buildings used to 

design the test specimens (see Section 2.2.1), as well as simple calculations. Depending on the 

typical floor design of the buildings and the load combinations selected, the gravity loads on the 

C-shaped walls were found to range from 0.05Agf ’c to 0.12Agf ’c. 

For the Phase-I specimens, the axial load was held constant at 500 kips throughout each test, i.e., 

for both in-plane and out-of-plane loading. However, for the Phase-II specimens, while an axial 

load of 500 kips was applied during in-plane loading, for the out-of-plane loading, if the web was 

under tension (positions B and E, Figure 2-37), the axial load was decreased to 0.05Agf ’c and 

0.075Agf ’c for CW-3 and CW-4, respectively. This variation of axial load during the OOP bending 

was introduced to create more realistic test conditions, where the axial load on the wall would vary 

due to coupling beam shear forces developed during a wind event. As shown in Figure 2-35, for 

the left pier, where the bending results in compression on the flange edges and tension at the web, 

the coupling beam shear forces apply tensile axial loads on the wall. On the other hand, for the 

right pier, if the web is under compression and the flange edges are under tension, axial load 

increases. To create similar conditions during the test, the gravity axial load was decreased at 

loading positions B and E. Due to the test setup capacities, the axial load was not increased but 

kept constant at 0.1Agf ’c at loading positions C and F (flange in tension). The variation in axial 

load due to the coupling beam shear forces was studied by analyzing five different C-shaped walls 

from two buildings. Analysis showed that the variation could range from ±0.03Agf ’c to ±0.1Agf ’c 

under strength level wind loads. Therefore, for CW-3, the axial loads were decreased by 0.05Agf ’c 
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to represent an average value from the analysis. For CW-4, the variation was chosen as 0.025Agf ’c 

to represent a worst-case scenario (highest flange in compression condition for coupled C-shaped 

walls. 

 

 

Figure 2-35: Distribution of axial load to wall piers 

 

2.6.2. Wind Loading Protocol 

The wind loading protocol (WLP) used was similar to the one developed and used by Abdullah et 

al. (2020) for the testing of reinforced concrete coupling beams (Figure 2-36). This loading 

protocol was developed using the results of a nonlinear response history analysis of a 58-story 

building with a coupled core wall lateral force-resisting system subjected to loading histories 

recorded from wind tunnel tests. The demands at the core wall were reviewed, and the number of 

times the demands exceeded a certain fraction of the peak demand in the positive and negative 

directions was counted and averaged. Peak demand was selected as 1.5 times the yield rotation of 
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the coupling beams, whereas the demands at other load levels were chosen as 15, 40, and 75% of 

the coupling beam probable moment capacity (Mpr). Due to the force-based nature of the wind 

events, the elastic cycles were applied under force-control. However, the inelastic demands after 

the yielding of the beams were applied under displacement-control. To represent an approaching 

and then passing wind event, the loading was increased in ramp-up and then decreased in the ramp-

down portion of the loading protocol. More information regarding the details of the original 

loading protocol can be found in Abdullah et al. (2020). 

 

 

Figure 2-36: Original wind loading protocol developed by Abdullah et al. (2020) 

 

The wind-loading protocol used for the testing of C-shaped walls (Figure 2-38) was similar to the 

one shown in Figure 2-36 with the following differences: 

1. 500 cycles at 0.15Mpr force demands were not applied because, at a gravity axial loading 

of 0.1Agf ’c = 500 kips, wall strain demands on the cross-section would be in compression.  

2. Instead of applying 75 cycles under force-control at 0.75Mpr, the protocol was modified to 

apply 30 cycles under displacement-control at 0.7Mpr force demands. The moment demand 
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of 0.75Mpr was found to result in tension strain demands slightly greater than the first yield 

of the wall longitudinal reinforcement of test specimens; therefore, a value of 0.7Mpr was 

used (which corresponded to the first yield). Since the yielding of the outer level of the 

flange reinforcement was expected at this level, the loading was changed to displacement-

controlled, and the number of cycles was decreased to 30.  

3. The maximum rotation demands were increased to 3 times the plastic hinge effective yield 

rotations (3ϴy). Plastic hinge rotations were determined during the experiments using 

control sensors located between the wall-foundation interface and a height of lw/2 = 37.5” 

above the wall-foundation interface (Figure 2-26). 

4. The number of cycles at inelastic rotation demands of 1.5ϴy was increased to 3 from 2.  

5. 2 additional cycles of loading were applied at 2.0ϴy, 2.5ϴy, and 3.0ϴy. 

 

The loading for 500 cycles at 0.4Mpr and 30 cycles at 0.7Mpr was applied as uni-directional loading 

only (parallel to the web, Positions A and D, Figure 2-37). However, for the inelastic cycles (1.2ϴy, 

1.5ϴy, 2.0ϴy, 2.5ϴy, and 3.0ϴy), biaxial loading was applied. As shown in Figure 2-37, the wall 

specimens were first pushed in the in-plane directions to the specified rotation demands, and then 

while holding the in-plane rotations constant, they were pushed in the out-of-plane (OOP) 

directions (parallel to the flanges, Positions B, C, E, and F). The force demands in the OOP 

directions were chosen as half of the probable moment capacities (0.5Mpr,OOP). These moment 

capacities were calculated assuming a monotonic loading in the +y and -y directions separately 

under the given axial load demands (see Table 2-3).  
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Figure 2-37: Biaxial loading scheme  

 

 

Figure 2-38: Wind loading protocol for wall specimens 

 

2.6.3. Seismic Loading Protocols 

After the wind loading protocol was completed, a seismic loading protocol (SLP) was applied to 

each test specimen. For walls CW-1, CW-2, and CW-3, the SLP was applied in the in-plane 

direction only (uni-directional loading) and the axial load was kept constant at 0.1Agf ’c = 500 kips. 

Figure 2-39 shows the SLP applied to CW-1 where 3 cycles at 5ϴy, 7.5ϴy, and 10ϴy, and 2 cycles 
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were applied at 15ϴy and 20ϴy before the failure occurred. For CW-2, failure (strength loss) was 

observed during the first cycle at 4.5ϴy, whereas for CW-3, 3 cycles were applied at 4.5ϴy before 

failure was observed after the first half cycle to 6.0ϴy (Figure 2-40). The damage state of CW-4 

after application of the WLP was similar to CW-3; therefore, instead of applying only in-plane 

loading (as was done for CW-3), a biaxial loading protocol, similar to that used for the WLP, was 

applied as SLP for CW-4. The SLP for CW-4 consisted of applying two cycles at 2.0ϴy and 3.0ϴy, 

and one cycle at 4.5ϴy prior to failure (Figure 2-41). However, as opposed to WLP, the axial load 

during the application of OOP loading was not decreased but kept constant at 0.1Agf ’c. 

 

 

Figure 2-39: Seismic loading protocol for CW-1 (in-plane only) 

 

 

Figure 2-40: Seismic loading protocol for CW-2 and CW-3 (in-plane only) 
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Figure 2-41: Seismic loading protocol for CW-4 (biaxial loading with constant 0.1Agf’c axial 

load) 
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3. Experimental Wind Test Results and Discussion (CW-1) 

3.1 General 

This chapter focuses on the experimental results of the lightly reinforced wall specimen (ρl = 

0.75%), CW-1, under the wind loading protocol explained in section 2.6.2. The probable moment 

capacity of the specimen in the in-plane (Mpr,IP, calculated with 1.25fy at εc=0.003, ACI 318-19), 

and +y and -y out-of-plane (Mpr,OOP+y, Mpr,OOP-y) directions were calculated under a monotonic 

loading assumption using an elasto-plastic rebar behavior with 1.25fy rebar strength (75 ksi), f ’c of 

8 ksi, and 500 kips axial load. Figure 3-1 shows the analytical in-plane moment-curvature diagram 

with the calculated Mpr,IP value of 2565 k-ft. The effective yield rotation (ϴy) was observed to be 

0.1% during the experiments. Detailed analysis done after the tests (Appendix F) resulted in a 

slightly higher ϴy value of 0.11%, which was lower than the total predicted yield rotation (flexural 

+ slip, ϴy,t,a  = ϴy,f,a + ϴy,s,a) value of 0.14% (see Appendix F). Accordingly, the moment and the 

rotation demands are summarized in Table 3-1 for the ramp-up and the ramp-down portions of the 

WLP separately.  

During the ramp-up portion of the loading protocol, on average, the in-plane moment values were 

approximately 90% of the Mpr,IP. Therefore, in the OOP directions, 0.45% of probable moment 

capacities were applied, 0.5(0.9) = 0.45. However, during ramp-down loading, due to the 

displacement-controlled nature of the loading protocol, lower in-plane moment values were 

applied to the specimen. These in-plane moment demands were 56% of the Mpr,IP at 1.2ϴy demands 

(1450 k-ft / 2565 k-ft = 0.56), during 2.5ϴy demands, it was 85% (2155 k-ft / 2565 k-ft = 0.84). 

Therefore, on average, 37% of the OOP Mpr demands were applied during the ramp-down period, 

0.5(0.75) = 0.375.  
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Figure 3-1: CW-1 monotonic in-plane moment-curvature diagram with fs = 1.25fy 
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Table 3-1: Applied WLP demands for CW-1  

Load Step 

In-plane Demands Out-of-plane Demands 

Base 

moment, 

Mb,IP (k-ft) 

Hinge 

rotation, 

ϴLp,IP (%) 

Base moment, 

Mb,OOP+y (k-ft) 

Base moment, 

Mb,OOP-y (k-ft) 

Ramp-Up 

0.4Mpr ±1026 ±0.024 - - 

0.7Mpr ±1795 ±0.09 - - 

1.2ϴy ±2000 ±0.12 

+530 -260 

1.5ϴy ±1960 ±0.15 

2.0ϴy ±2220 ±0.20 

2.5ϴy ±2350 ±0.25 

3.0ϴy ±2420 ±0.30 

Ramp-Down 

2.5ϴy ±2155 ±0.25 

+480 -200 

2.0ϴy ±1900 ±0.20 

1.5ϴy ±1650 ±0.15 

1.2ϴy ±1450 ±0.12 

0.7Mpr ±1320 ±0.09 - - 

0.4Mpr ±1026 ±0.05 - - 

Notes: 

• Moment values given for the first cycle at each rotation demands 

• In-plane probable moment capacity, Mpr,IP = ±2565 k-ft  

• +y OOP probable moment capacity, Mpr,OOP+y = +1126 k-ft 

• -y OOP probable moment capacity, Mpr,OOP-y = -570 k-ft 

• Effective plastic hinge yield rotation, ϴy = ±0.1% 
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3.2 Observed Damage 

The cracking moment of the wall was estimated to be -1330 k-ft under the negative (Pos. A) and 

+1440 k-ft under the positive (Pos. D) in-plane moments demands. These values were estimated 

from the moment-hinge rotation response of the wall, where a significant change in the slope of 

the response occurred. These values corresponded to 52% and 56% of the in-plane probable 

moment capacities (Mpr,IP). Accordingly, no cracking was observed during the 500 cycles at 0.4Mpr 

moment demands.  

Digital image correlation (DIC) analysis was completed after the 30 cycles at 0.7Mpr moment 

demands, during which the hairline cracks become visible. The results of the DIC analysis indicate 

cracking in the web at the peak moment (0.7Mpr) of the last cycles at positions A and D, as shown 

in Figure 3-2 and Figure 3-3, respectively. The cracking was mainly concentrated right above the 

splice region (10 in. < h < 15 in.) at this loading step.  

DIC analysis was also done at the peak moment demands of the second cycle of the 3.0ϴy rotation 

demands for the loading at positions A (Figure 3-4) and D (Figure 3-5). These figures show a 

mostly uniform distribution of the cracks along the height of the wall, with the biggest cracks 

opening right above the splice region and the wall-footing interface. No new cracking was 

observed during the ramp-down portion of the WLP.  

After the completion of the WLP, the wall specimen CW-1 showed no damage (e.g., no concrete 

spalling, concrete crushing, bar buckling, or bar fracture), and only minor cracking was observed 

over the splice length. Figures Figure 3-6, Figure 3-7, and Figure 3-8 show the cracking pattern of 

the specimen after WLP, which reveals a nearly uniform distribution of the horizontal flexural 

cracks within the flanges and diagonal tension (shear) cracks at the web. The residual flexural 
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crack widths within the flanges were measured to be 0.1 mm, and no residual diagonal web cracks 

were visible.  

The strain gauges attached to the outer layer of the flange vertical reinforcement (Figure 2-29) 

right above the splice region (h = 11in.) revealed that the yielding of the reinforcement occurred, 

on average, at 70% of the in-plane probable moment capacity (Table 3-2).   
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Figure 3-2: Crack pattern of the web obtained from DIC for CW-1 at the peak moment of 

the last cycle of 0.7Mpr moment demands under negative moment (Pos. A) 
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Figure 3-3: Crack pattern of the web obtained from DIC for CW-1 at the peak moment of 

the last cycle of 0.7Mpr moment demands under positive moment (Pos. D) 
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Figure 3-4: Crack pattern of the web obtained from DIC for CW-1 at the peak moment of 

the second cycle of 3.0ϴy rotation demands under negative moment (Pos. A) 
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Figure 3-5: Crack pattern of the web obtained from DIC for CW-1 at the peak moment of 

the second cycle of 3.0ϴy rotation demands under negative moment (Pos. D) 



 

75 

 

 

Figure 3-6: Cracking condition of CW-1 at the end of WLP (Inside surfaces of the web and 

flanges) 
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Figure 3-7: Cracking condition of CW-1 at the end of WLP (Inside surfaces of the east 

flange (left) and west flange (right)) 
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Figure 3-8: Cracking condition of CW-1 at the end of WLP (Outside surface of the East 

flange) 
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Table 3-2: In-plane rotation and moment demands at first yield of outer layer of flange 

longitudinal reinforcement above the splice (h=11in.) 

 
In-plane Rot. 

(%)  

In-plane moment 

(k-ft) MIP 

Load Step / 

Position 
MIP / Mpr,IP 

West Flange 

Edge 
+0.088 +1795 0.7Mpr / Pos. D 0.70 

West Flange 

Corner 
+0.095 +1841 1.2ϴy / Pos. D 0.72 

East Flange 

Edge 
-0.065 -1568 0.7Mpr / Pos. A 0.61 

East Flange 

Center 
-0.088 -1774 0.7Mpr / Pos. A 0.69 

East Flange 

Corner 
-0.11 -1956 1.2ϴy / Pos. A 0.76 

 

3.3 Load-Deformation Responses 

3.3.1 Base Moment-Hinge Rotation Responses 

The plastic hinge rotations were measured during the experiment by using the four LVDTs attached 

to the four corners of the specimen on the outside surfaces of the flanges (Figure 3-9). The LVDTs 

were attached to the footing on one end and to the wall at the plastic hinge height (Lp = lw/2) at the 

other end. Therefore, the measured rotations included the rebar slip/extension at the wall-footing 

interface. The readings from LVDTs attached to the same flange were averaged to calculate the 

average in-plane hinge rotations.  

 

𝛳𝐿𝑝,𝐼𝑃 =  

𝛿𝑁𝑊 + 𝛿𝑆𝑊

2 −
𝛿𝑁𝐸 + 𝛿𝑆𝐸

2

𝐿𝑤 +
𝑙𝑁𝑊 + 𝑙𝑆𝑊

2 +
𝑙𝑁𝐸 + 𝑙𝑆𝐸

2

 (3.1) 

 

where 𝛿𝑁𝑊, 𝛿𝑆𝑊, 𝛿𝑁𝐸, and 𝛿𝑆𝐸 are the displacements of the LVDTs, and 𝑙𝑁𝑊, 𝑙𝑆𝑊, 𝑙𝑁𝐸, and 𝑙𝑆𝐸 are 

the distance from the concrete surface to the LVDTs attached to the northwest, southwest, 
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northeast, and southeast corners (Figure 2-27), respectively. Similarly, the plastic hinge rotations 

in the out-of-plane direction were calculated as: 

 

𝛳𝐿𝑝,𝑂𝑂𝑃 =  

𝛿𝑆𝑊 + 𝛿𝑆𝐸

2 −
𝛿𝑁𝑊 + 𝛿𝑁𝐸

2
𝑑𝑊 + 𝑑𝐸

2

 (3.2) 

 

where 𝑑𝑊 and 𝑑𝐸 are the distances between the LVDTs attached to the west and east flanges 

(Figure 2-27), respectively.  

Figure 3-10 shows the in-plane base moment versus hinge rotation response of the wall specimen 

CW-1 under the WLP. As mentioned in Section 2.6.2, the WLP was developed to keep the in-plane 

rotations constant during the OOP load application. However, slight variations were observed in 

the IP rotations during the OOP load application due to the flexibility of the test setup. As expected, 

the IP moment values decreased during the OOP bending. During ramp-up, the slope of the 

moment-rotation response changed at every first and second cycle of each loading stage. This is 

because new cracks developed, and the existing cracks propagated further during the ramp-up for 

the first two cycles of each loading stage. Generally, no change in the wall stiffness was observed 

after the first two cycles.  

Similarly, during ramp-down loading, the lateral stiffness was unchanged, i.e., the slope of the 

moment-rotation response did not change. This was because no new cracks were observed during 

ramp-down loading. The in-plane moment-hinge rotation response was also compared with the 

predicted response (details are in Appendix F); the comparisons showed that the predicted response 

matched the experimental results well. The predicted initial stiffness was found to be slightly 

higher than the stiffness determined from experimental measurements, which was due to the 

slip/extension deformations that were not included in the predicted response.  
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The OOP base moment versus the OOP hinge rotation response of the wall specimen is shown in 

Figure 3-11. This response was not predicted, unlike IP moment-hinge rotation response, by using 

the analytical monotonic moment-curvature behavior of the wall because of the biaxial loading 

protocol. However, more complex analytical models were used in Chapter 7 for predicting the 

biaxial cyclic behavior of the specimens. 

 

 

Figure 3-9: LVDT layout for in-plane hinge rotation measurements  

 
Figure 3-10: In-plane moment-hinge rotation of CW-1 under WLP 
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Figure 3-11: Out-of-plane moment-hinge rotation of CW-1 under WLP 

3.3.2 Moment-Curvature Responses 

The in-plane moment-curvature response over the height of the wall during the WLP was measured 

using layers of LVDTs attached to the inner surface of the west flange, to the web (4 columns of 

LVDTs), and to the outer surface of the east flange (Figure 2-24 and Figure 2-25). The LVDTs at 

Layer 1 spanned between 2 in. and 10 in. above the footing (2-10 in.). Similarly, dimensions were 

10-20 in., 20-37.5 in., 37.5-57 in., and 57-85 in. for Layers 2, 3, 4, and 5, respectively. The average 

curvatures over the plastic hinge length (φLp) were calculated by using the hinge rotation LVDTs 

shown in Figure 3-9 (spanning between 0-37.5 in.) and the LVDTs attached at the base (0-2 in.) at 

the four corners of the wall. These LVDTs were used to estimate the slip/extension deformations 

at the wall-footing interface. For the calculation of φLp, the displacement values recorded using the 

slip/extension LVDTs were subtracted from the hinge rotation LVDT readings.  
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The results are shown in Figure 3-12, where the moment values were calculated as the average in-

plane moment demand over the height of the layer. Curvature ductility (μφ) shown in Figure 3-12 

was calculated by dividing the curvature values by the yield curvature (φy), which was determined 

using the approach explained in Appendix F. The results showed that, whereas the average 

curvature ductility over Lp was 3.2, the peak μφ value of 4.75 was measured at the base of the wall 

(Layer 1) at the maximum moment demands during the 3ϴy load step. The higher μφ values of 

4.75 and 4 for Layers 1 (2-10 in.) and 2 (10-20 in.) were due to the concentration of large cracks 

at the end of the splice region (h=10 in.). Curvature ductility of 2 was measured above the hinge 

region (Layers 4 and 5). The experimental results were also compared with the predicted moment-

curvature response (see Appendix F). The predicted values matched well for the overall response 

(Figure 3-12a) and during the inelastic cycles. However, over the splice region, the experimental 

results showed a significantly stiffer response than predicted. This was attributed to the fact that 

the LVDT measurements are dependent on the level of deformation, with greater errors for lower 

loading levels and the larger quantity of longitudinal reinforcement over the splice region.   
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Figure 3-12: Moment-Curvature response of CW-1 during WLP 
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3.3.3 Base Shear-Lateral Displacement Responses  

The in-plane lateral displacements of the test specimens were measured using the two LVDTs 

attached to the northeast and southeast corners of the top block and connected to a reference frame 

on the east side of the wall (Figure 2-25). Figure 3-14 shows the base shear versus drift ratio 

response calculated as the total displacements of the LVDTs divided by the distance from the 

LVDT mounting point to the base of the wall for the northeast (Figure 3-14a) and the southeast 

(Figure 3-14b) LVDTs. The readings from the two LVDTs were averaged to measure the average 

in-plane lateral displacements at the top of the wall (Figure 3-14). The lateral displacements at the 

top of the wall due to the sliding and the rotation of the bottom block were not included in Figure 

3-14 and Figure 3-14.  

Displacement ductility (μΔ) was also calculated by dividing the drift ratios by the drift ratio at 

effective yield, which was measured to be 0.15%. The maximum average μΔ values of +2.3 and -

2.43 were measured at the 3.0ϴy hinge rotation demands before the out-of-plane load application 

(positions D and A). The out-of-plane lateral displacements were also measured with the two 

LVDTs attached to the mid-height of the top block at the northeast and northwest corners. Similar 

to the IP drift ratios, the OOP drift ratios from the two LVDTs were calculated individually (Figure 

3-15a and Figure 3-15b) and also averaged (Figure 3-16).  

The total in-plane lateral displacement (𝛿𝑡𝑜𝑡) of the wall can be expressed as the sum of the flexural 

and shear deformations over the wall height. Flexural deformations include the curvature/rotation 

of the wall (𝛿𝑓,𝑤𝑎𝑙𝑙), and the deformations due to the slip/extension at the wall-footing interface 

(𝛿𝑠𝑙𝑖𝑝). Shear deformations include the pure translation (shear distortion) along the height of the 

wall (𝛿𝑠,𝑤𝑎𝑙𝑙), the shear sliding along the wall footing interface (𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑤𝑎𝑙𝑙), and also the shear 
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sliding of the bottom block along the laboratory floor (𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑏𝑙𝑜𝑐𝑘). The lateral displacements due 

to the rotation of the bottom block were found to be negligible.  

𝛿𝑡𝑜𝑡 = 𝛿𝑓,𝑤𝑎𝑙𝑙 + 𝛿𝑓,𝑠𝑙𝑖𝑝 + 𝛿𝑠,𝑤𝑎𝑙𝑙 + 𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑤𝑎𝑙𝑙 + 𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑏𝑙𝑜𝑐𝑘 (3.3) 

The flexural, slip/extension, and shear sliding deformations were measured directly using the 

LVDTs attached to the wall and the bottom block. The wall shear deformations (𝛿𝑠,𝑤𝑎𝑙𝑙) were 

calculated using two different approaches. For the first approach, any deformation not associated 

with flexure, slip/extension, or shear sliding was attributed to shear distortion (Equation (G.18); 

Appendix G includes detailed information. For the second approach, the diagonal LVDTs attached 

to the inner surface of the web (Figure 2-24) were used directly (Equation (G.19).  

Figure 3-17 shows the base shear-drift ratio response of each displacement component during the 

ramp-up and ramp-down portions of the WLP. The relative contributions of each displacement 

component were also calculated at various hinge rotation levels, for loading in both in-plane directions. 

The total lateral displacement at the top of the wall due to the shear sliding of the wall (𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑤𝑎𝑙𝑙) 

and the bottom block (𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑏𝑙𝑜𝑐𝑘) were approximately 3% and 4% during the positive (Pos. D) 

and negative (Pos. A) in-plane loading, respectively. The relative contributions of wall flexural 

(𝛿𝑓,𝑤𝑎𝑙𝑙), base slip/extension (𝛿𝑠𝑙𝑖𝑝), and shear (𝛿𝑠,𝑤𝑎𝑙𝑙) deformations are shown in Figure 3-18 for the 

ramp-up and the ramp-down portions of the loading protocol, except for the 0.4Mpr load step, where, 

due to the low level of deformations, the LVDT readings were not reliable. The slip/extension 

deformations (𝛿𝑠𝑙𝑖𝑝) comprised about 30% of the total displacement at 0.7Mpr load step, where the first 

yield of the bars was observed. After yielding, 𝛿𝑠𝑙𝑖𝑝 contribution decreased gradually to 13% and 

18% at 3.0ϴy rotation demands in the positive and negative directions, respectively. Similarly, the 

contribution of the shear deformations (𝛿𝑠,𝑤𝑎𝑙𝑙), calculated using Equation (G.18, decreased with 

increasing hinge deformations, with the highest values of approximately 60% (Pos. D) and 40% 
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(Pos. A) at 0.7Mpr moment demands. The contribution of  𝛿𝑠,𝑤𝑎𝑙𝑙 was also calculated using 

Equation (G.19 and shown in Figure 3-18 for the negative loading only; some of the diagonal LVDTs 

were malfunctioning during positive loading. The comparison of 𝛿𝑠,𝑤𝑎𝑙𝑙 contribution calculated with 

Equations (G.18 and (G.19 showed very similar results during the inelastic load steps of the ramp-

up portion with the values ranging from 30% at 1.2ϴy to 24% at 3.0ϴy.  

The effect of wall curvature/rotations on the top displacement was ranging from 25-30% at 0.7Mpr 

to 45%-55% at 3.0ϴy. It should be noted here that the test walls represented approximately the 

bottom 2 stories of a 12-story cantilever core wall. For a cantilever wall, the flexural drift ratios 

due to plastic hinge rotations within the plastic hinge region are mostly constant along the height 

of the wall, whereas shear deformations (pure translation) decrease up the height of the wall. 

Therefore, the percent contribution of the shear deformations to the drift ratios at the top of a 

cantilever wall is expected to be smaller than the values shown in Figure 3-18.  

 

 

Figure 3-13: In-plane base shear-drift ratio response of CW-1 recorded a) at the NE b) at 

the SE corners of the top block under WLP 
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Figure 3-14: In-plane base shear-average drift ratio response of CW-1 under WLP 

 

 

 

Figure 3-15: Out-of-plane base shear-drift ratio response of CW-1 recorded a) at the NE b) 

at the NW corners of the top block under WLP 
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Figure 3-16: Out-of-plane base shear-average drift ratio response of CW-1 under WLP 
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Figure 3-17: Different components of in-plane base shear-drift ratio response of CW-1 

under WLP 
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Figure 3-18: Contributions of flexure, slip/extension, and shear deformations to the lateral 

displacement for CW-1 during WLP 

 

3.3.4 Torsional Response 

As mentioned in Section 2.4, the out-of-plane horizontal actuators, Actuators 4 and 5 (Figure 2-22), 

which were used to apply the out-of-plane horizontal load, were also used to prevent the specimens 

from twisting during both the in-plane and out-of-plane loading. However, due to the flexibility of 

the test setup and possibly due to deformations at the support of Actuator 5 to the out-of-plane 

bracing (connected to the test setup on the east side of the specimen), torsion was observed during 

the testing. The torsional rotations (𝜃𝑇) at the top of the wall were calculated using the two LVDTs 

attached at the mid-height of the top block (Figure 2-24) on the northeast and northwest sides as 

follows: 

𝜃𝑇 =
𝛿𝑁𝑊 − 𝛿𝑁𝐸

𝑑𝑁𝐸−𝑁𝑊
 (3.4) 

where 𝛿𝑁𝐸 and 𝛿𝑁𝑊 are the displacement recordings of the northeast and northwest LVDTs, and 

dNE-NW is the horizontal distance between the two. The in-plane hinge rotation versus torsional 

rotation of the specimen during the WLP is shown in Figure 3-19b. The figure shows that during 

the positive in-plane loading direction (Pos. O-D, Figure 2-37), when the west flange was under 
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tension and the east flange was under compression, torsional rotations were minimal. Similarly, 

the application of OOP loading from this position, D-E-F, resulted in small torsional rotations. 

However, during negative in-plane loading (O-A), when the east flange was under tension and the 

west flange was under compression, and the OOP loading from Pos. A (A-B-C) resulted in 

significant torsional rotations, especially during the OOP loading. This behavior can also be 

observed by comparing the IP hinge rotation versus OOP hinge rotation response of the west and 

east flanges separately (Figure 3-19a). The comparison shows that during the in-plane loading (O-

A-D-O) both flanges had some OOP rotations. For loading D-E-F, similar amounts of OOP 

rotations were applied to both of the flanges; therefore, small torsional rotations were observed in 

this direction. However, for loading A-B-C, the amount of OOP rotation applied to the east flange 

(flange under tension) was significantly higher than the OOP rotation applied to the west flange 

(flange under compression); therefore, significant torsional rotations were observed in this 

direction. The high torsional rotations that occurred when the east flange was under tension 

resulted in higher tensile strains at the edge of the east flange than at the corner of the flange. 

Therefore, yielding of the longitudinal reinforcement located at the edge of the flange occurred at 

0.61Mpr moment demands, whereas the longitudinal reinforcement located at the corner of the east 

flange yielded at 0.76Mpr demands (Table 3-2). It can also be observed from Figure 3-19a and 

Figure 3-19b that, with the increasing in-plane rotation demands, the residual OOP rotations of 

both the east and west flanges and the torsional rotations increased. During the in-plane loading to 

the 3ϴy hinge rotation demands, the west flange had approximately -0.15%, and the east flange 

had approximately -0.25% residual out-of-plane rotations. Moreover, due to these differences 

between the flanges, there was a -0.1% torsional rotation demand at the top of the wall. Therefore, 
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the actual loading protocol applied to the specimen during the in-plane loading (O-A-D-O) resulted 

in in-plane, out-of-plane, and torsional demands on the specimen.  

 

 

Figure 3-19: a) IP versus OOP hinge rotation of the East and West flange, b) IP Rotation 

versus Torsional rotation responses of CW-1 during WLP 

3.3.5 Local Responses 

The axial strains along the edges of the flanges were calculated using the LVDTs placed at the 

outside face of the east flange edge and the inside face of the west flange edge. Figure 3-20 and 

Figure 3-21 show the results for the ramp-up cycles of the WLP for the in-plane only loading (Pos. 

A and D) and for the biaxial loading (Pos. B, C, E, and F) for the east flange and the west flange, 

respectively.  

The highest tensile strain measured at the base (2-10 in.) of the east flange (Layer 1, Figure 2-24 

and Figure G-1) was 0.0067 at 3ϴy hinge rotation demands at loading position A. With the 

application of the OOP bending in the -y direction (Pos. C), the tensile strain increased to 0.0092. 

Since the LVDTs were mounted to the inside surface, the tensile strains measured at the west flange 

were smaller compared to the east flange. For the east flange, the big crack opening above the 

splice region (ls=10 in.) was inside the region for Layer 1 LVDT instrumented (2-10 in.), whereas, 



 

93 

 

for the west flange, the crack was inside Layer 2 LVDT region (10-20 in.). Therefore, the highest 

tensile strains, 0.0055 at Pos. D and 0.0065 at Pos. F, were measured at Layer 2 for the west flange, 

instead of Layer 1.  

The strain measurements at Layer 1 (splice region) were much lower, which was consistent with 

the level of damage observed in the splice region, which was mostly only minor hairline cracks. 

The highest compressive strain demands at the base of the east flange edge were -0.00097 at Pos. 

D and -0.0022 at Pos. E. Similar to the tensile strains, the compressive strains recorded with the 

west flange LVDTs were also smaller compared to the east flange. In fact, since the neutral axis 

depth after yielding was less than the thickness of the flange (5 in.), the west flange LVDTs were 

under tensile strain demands at the base of the wall. 

The axial strain profiles along the length of the wall web under the in-plane loading only (Pos. A 

and D) at different hinge rotation demands are shown Figure 3-23 and Figure 3-24 for Layer 1 and 

Layer 2, respectively. The x-axis values in these figures show the exact location of the LVDTs 

attached to the wall surface, and the grey dashed lines show the location of the flanges. For 

example, the LVDTs attached to the inner surface of the west flange at Layer 1 were 3 in. away 

from the concrete surface; therefore, the x-axis value for these LVDTs was 8 in. (tf + 3 in.). 

Similarly, the LVDTs attached to the outer surface of the east flange at Layer 1 were 5 in. away 

from the concrete surface; therefore, the axis value for these LVDTs was 80 in. (lw + 5 in., Figure 

3-22). A linear line was fitted to the data shown in Figure 3-23 and Figure 3-24 to estimate the 

concrete tensile and compressive strain demands at the west (x = 0 in.) and east (x = 75 in.) flanges. 

The strain demands given in Table 3-3 shows that the maximum tensile strain demands at the base 

of the wall measured at 3ϴy in-plane hinge rotation demands were 0.005 on average, and the 

maximum compressive strain demands were -0.0008 on average.  
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Figure 3-20: Axial strain profiles along the height of the edge of the East flange at different 

loading positions during WLP, CW-1 
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Figure 3-21: Axial strain profiles along the height of the edge of the West flange at different 

loading positions during WLP, CW-1 
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Figure 3-22: Locations of the LVDTs along the length of the web 

 

 

Figure 3-23: Axial strain profiles obtained from Layer 1 LVDTs 

 

 

Figure 3-24: Axial strain profiles obtained from Layer 2 LVDTs 
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Table 3-3: Estimated maximum strain demands at 3ϴy 

LVDT Layers 

Pos. A Pos. D 

West Flange East Flange East Flange West Flange 

Compression Tension Compression Tension 

Layer 1 -0.066% 0.18% -0.098% 0.47% 

Layer 2 -0.054% 0.53% -0.028% 0.31% 

3.4 Lateral Stiffness 

The effective flexural stiffness (EIeff) of the specimen was calculated using Equations (3.5 and (3.6 

based on the free body diagram shown in Figure 3-25.  

𝐸𝐼𝑒𝑓𝑓 =
𝑀𝑡𝑜𝑝𝐿𝑝 + 𝐹𝑡𝑜𝑝𝐿𝑝𝐻 −

1
2 𝐹𝑡𝑜𝑝𝐿𝑝

2

𝜃𝐿𝑃,𝐼𝑃
 (3.5) 

 

𝐸𝐼𝑒𝑓𝑓 =
𝑀𝑏𝐿𝑝 −

1
2

𝑉𝑏𝐿𝑝
2

𝜃𝐿𝑃,𝐼𝑃
 (3.6) 

The stiffness values, including rotations due to the reinforcement slip/extension at the base of the 

wall, were determined using the plastic hinge rotations measured over Lp (lw/2). Figure 3-26 

present the EIeff values normalized with the concrete modulus of elasticity (Ec) times the gross 

section moment of inertia (Ig) at different rotation demands during the ramp-up portion of the WLP. 

The Ec value was calculated based on the ACI 318-19 provisions (Equation (2.8). Figure 3-26 

shows that the effective stiffness values at the cracking moment were 0.61EcIg and 0.58EcIg for 

loading in the positive and negative in-plane directions, respectively. At first yield of the extreme 

layer flange bars (Mb≈0.7Mpr), EIeff values of 0.36EcIg and 0.35EcIg were calculated. 
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The EIeff values were also calculated without including the slip/extension rotations and are shown 

in Figure 3-26. The stiffness values were significantly higher when the slip/extension rotations 

were excluded from the measured hinge rotations (Figure 3-26). At the first yield, EIeff values of 

0.7EcIg were calculated. As shown in Figure 3-18, at first yield, both the slip/extension and flexural 

rotations (curvatures) comprised about 30% of the total displacement at the top of the wall. 

Therefore, when the slip/extension rotations were not included in the stiffness calculations, the 

EIeff values doubled (0.35EcIg versus 0.7EcIg). At the cracking moment, the stiffness values 

calculated were not reliable because the measured deformations were small. 

 

 

Figure 3-25: Free body diagram of wall panel 
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Figure 3-26: Normalized effective flexural stiffness (EIeff/EcIg) 

 

3.5 Vertical Growth 

The vertical growth at the top of the specimen was calculated using the vertical line of LVDTs 

attached at the flange edges. The readings from the east and west flanges were averaged to calculate 

the vertical growth in between the flanges, shown as X in Figure 3-27, which was approximately 

20 in. from the center of mass of the wall (shown as C). The in-plane hinge rotation versus vertical 

growth response during the ramp-up and ramp-down portions of the WLP is shown in Figure 3-28, 

where the vertical lines were due to the application of OOP loading. At -3ϴy hinge rotation demand 

(east flange under tension), the vertical growth was measured as 0.15 in., which was slightly higher 

than the loading in the positive direction (west flange under tension, 0.13 in.). The difference was 

because the LVDTs for the west flange were attached to the inside surface, lower tensile 

displacement demands were observed than those for the east flange (where LVDTs were attached 

to the outside surface). At the end of the ramp-up cycles, the residual vertical (axial) growth was 
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approximately 0.05 in. (0.13% of Lp). However, no residual growth was observed after the 

application of the ramp-down cycles. 

 

 
Figure 3-27: Center of mass of the wall (C) and the location where the vertical growth was 

measured (X) 

 

 
Figure 3-28: IP hinge rotation-vertical growth response of CW-1 during WLP 
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3.6 Impact of Lap Splices 

As mentioned in Section 3.2, no damage was observed in the splice region of either the flanges or 

the web of the specimen. No cracks were visible during the maximum rotation demands (3ϴy) to 

the naked eye, and the DIC analysis showed only small hairline cracks over the splice region 

(Figure 3-4 and Figure 3-5). Similarly, the LVDTs attached to the edge of the west flange within 

the splice region showed that the tensile strains were approximately 25% of the strains measured 

above the splice region. Therefore, the added longitudinal reinforcement over the splice region 

stiffened and strengthened the splice region, resulting in a shifting of the plastic hinge to the region 

above the splice region. The assumed plastic hinge length was changed to Lp=lw/2+Ls (37.5+10 = 

47.5 in.) from lw/2 (37.5 in.), and the hinge rotations were recalculated. The LVDTs attached to the 

fourth layer (37.5-57.5 in., Figure G-1) were used for the more extended hinge rotation 

calculations. Assuming a constant strain distribution over Layer 4 (20 in. long), the vertical 

displacement over the first 10 in. of the layer was calculated and added to the values measured by 

the LVDTs previously used for the hinge rotation calculation (0-37.5 in.). Figure 3-29 shows the 

base moment in-plane hinge rotation (Lp=lw/2+Ls) response of CW-1 under WLP, where the 

rotation ductility was calculated using the effective yield hinge rotation value of 0.11% (Appendix 

F). The increased hinge region did not result in big differences for the elastic portion of the loading 

protocol, i.e., the curvatures were very small at Layer 4 during these cycles, compared to Figure 

3-10 (Lp=lw/2). A 10% increase was observed in the negative direction at the maximum rotation 

demands, i.e., 3ϴy and 3.3ϴy with Lp=lw/2 and Lp=lw/2+Ls, respectively. Since vertical LVDTs 

were attached to the inside face of the west flange, in the positive direction (west flange under 

tension) the change was smaller (3.1ϴy).  
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Figure 3-29: In-plane moment-hinge rotation (Lp=lw/2+Ls) of CW-1 under WLP 
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4. Experimental Seismic Test Results and Discussion (CW-1) 

4.1 General 

This chapter summarizes the experimental results of CW-1 under the seismic loading protocol 

(SLP, Figure 2-39) applied after the completion of WLP. The loading was applied under 

displacement-control (uniaxial loading, in-plane only) with 3 cycles at 5ϴy, 7.5ϴy, and 10ϴy, 2 

cycles at 15ϴy, and 1.5 cycles 20ϴy hinge rotation demands before failure occurred at the second 

half cycles at 20ϴy rotation demands. Table 4-1 shows the applied moment (at the first cycle) and 

hinge rotation demands during the SLP.  

Around 0.8% hinge rotation demands, a change in the slope of the moment-rotation response of 

the specimen was observed in both -x and +x directions. This change was due to the small stroke 

capacity of the hydraulic jacks used to apply the gravity axial loads (Figure 2-23). Because of the 

vertical growth of the wall, around 0.8% rotation demands, the stroke of the jacks located above 

the flange that was under tension was reached. After the stroke limit was reached, any increase in 

the vertical growth was resisted by the high-strength Dywidag bars used to connect the jacks to 

the laboratory strong floor. Therefore, higher lateral forces were required to apply the hinge 

rotation demands shown in Table 4-1.  
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Table 4-1: Applied in-plane base moment and hinge rotation demands during SLP, CW-1 

Load Step 

Positive x-direction Negative x-direction 

Base moment, 

Mb,IP (k-ft) 

Hinge rotation, 

ϴLp,IP (%) 

Base moment, 

Mb,IP (k-ft) 

Hinge rotation, 

ϴLp,IP (%) 

5.0ϴy 2620 0.5 -2607 -0.5 

7.5ϴy 2881 0.75 -2952 -0.75 

10ϴy 3261 1.0 -3048 -1.0 

15ϴy 3651 1.5 -3301 -1.5 

20ϴy 3693 2.0 -3233 -2.0 

4.2 Observed Damage 

No damage (i.e., concrete spalling, concrete crushing, bar buckling, or bar rupture) was observed 

during the 5ϴy, 7.5ϴy, and 10ϴy rotation demands. Minor cover spalling and a vertical crack above 

the wall-foundation interface at the corner of the west flange were observed during the first cycle 

to -15ϴy (-1.5%) demand at -1.37%. At the end of the two cycles at 15ϴy demands, the vertical 

crack elongated to approximately 17 in. above the footing, and some more cover spalling was 

observed (Figure 4-1); however, for the east flange, no damage was observed (Figure 4-2).  

During the first cycle to -2.0% rotation demands, more cover crushing and spalling occurred, and 

the two corner bars located at the outer layer of the west flange buckled above the splice region. 

Cover spalling was observed at the east flange corner above the splice region during this cycle. 

Loading in the other direction to +2.0% rotation demands resulted in cover crushing at the corner 

and buckling of the outer layer corner bars above the splice region at the east flange. A strength 

loss of 15%  was measured at the peak hinge rotation demand of the second cycle to -20ϴy rotation 

demands. At the peak rotation demand of -2.0%, sudden concrete core crushing occurred along the 
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total length of the west flange above the splice region, which resulted in bar buckling and rupture 

of almost all the longitudinal reinforcement (inside and outside layers) of the west flange. Flexural 

capacity suddenly dropped by 61%, and the axial load dropped to 295 kips (0.06Agf ’c) from 500 

kips (0.1Agf ’c). Figures Figure 4-5Figure 4-6, andFigure 4-7 show the damage state of the wall 

after the test.  

DIC analysis was also completed for the 20ϴy rotation demands for the loading both in the -x and 

+x directions (FiguresFigure 4-8,Figure 4-9, andFigure 4-10). The comparison between the results 

shown in Figure 4-8 and Figure 4-10 showed that, during the first cycle at -2.0% rotation demand, 

crack widths started growing approximately 7 in. away from the concrete surface above the splice 

region (left side of Figure 4-10), whereas for the second cycle at -2.0% rotation demand, due to 

longitudinal reinforcement buckling and concrete crushing that occurred during the previous cycle, 

the neutral axis depth increased to 15-20 in. The high axial tensile strains, up to 15%, shown in 

these figures were due to the crack opening and were very localized.  
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Figure 4-1: Damage state of the West flange and the web after two cycles at 1.5% hinge 

rotation demands (at zero loads) 

 

Figure 4-2: Damage state of the East flange and the web after two cycles at 1.5% hinge 

rotation demands (at zero loads) 
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Figure 4-3: Damage state of the West flange and the web after the first cycle at 2.0% hinge 

rotation demands (at zero loads) 

 

Figure 4-4: Damage state of the East flange and the web after the first cycle at 2.0% hinge 

rotation demands (at zero loads) 
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Figure 4-5: Damage state of the West flange (left) and the East flange (right) after the test 

 

       

Figure 4-6: West flange close-up pictures after the test 
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Figure 4-7: Inside surface of West flange (left) and the web (right), after the test 
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Figure 4-8: DIC analysis results at -2.0% rotation demands (first cycle) 
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Figure 4-9: DIC analysis results at +2.0% rotation demands (first cycle) 
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Figure 4-10: DIC analysis results at -2.0% rotation demands (second cycle) 
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4.3 Load-Deformation Responses 

4.3.1 Base Moment-Hinge Rotation Response 

The base moment-plastic hinge rotation response of CW-1 under the SLP is shown in Figure 4-11. 

The WLP results and the analytical prediction are also included for comparison. As mentioned in 

Section 4.1, since the stroke capacity of the hydraulic jacks used to apply the axial loads were 

reached under hinge rotation demands of around 0.8%, a change in the slope of moment-hinge 

rotation response occurred in both the positive and the negative in-plane loading. This change 

resulted in higher force demands recorded using the load cells attached to the vertical and 

horizontal actuators. It should be noted here that the change in the slope was not due to the behavior 

of the test specimen, i.e., the lateral stiffness of the test wall was not affected.  

After completing the SLP, test specimen CW-1 was repaired and tested again by Rodriguez 

Sanchez et al. (2024). The repair procedure included replacing the concrete and the reinforcements 

(both longitudinal and transverse) up to a height of 44 in. along the flanges and for some portions 

of the web (Figure 4-12). The longitudinal reinforcement in the repaired wall was coupled at 44 

in. above the wall-foundation interface. The starter bars anchored to the footing were not replaced. 

A similar loading protocol that was applied to CW-1 was used for the repaired wall (RCW-1); 

however, the stroke issue with the axial jacks was addressed by using jacks with longer strokes. 

The moment–rotation relations for CW-1 and RCW-1 are compared in Figure 4-13 and reveal that 

the analytical prediction matched very well with the response of the repaired wall. The repaired 

wall, similar to CW-1, failed at -2% hinge rotation demands due to bar buckling/concrete crushing 

above the splice region. However, unlike CW-1, only a half cycle at 20ϴy was applied before the 

failure occurred. 
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Figure 4-11: In-plane moment-hinge rotation response of CW-1, WLP & SLP 

 

 

Figure 4-12: Repair scheme of CW-1 (Rodriguez Sanchez et al., 2024) 
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Figure 4-13: In-plane moment-hinge rotation response of RCW-1 

4.3.2 Moment-Curvature Responses 

The curvatures calculated using the layers of the LVDTs attached to the flange edges are shown in 

Figure 4-14. The average curvature ductility measured over the plastic hinge height (Lp) was found 

to be 22.5 and 25.0 at 2% and -2% rotation demands, respectively. Similar to the WLP, the highest 

curvatures were recorded at the layer where a large crack immediately above the splice region 

occurred (Layer 1 for the East flange and Layer 2 for the West flange). At these layers, curvature 

ductility of 30 was reached before the failure occurred. With increasing height, the curvature 

ductility decreased to 21.0, 15.0, and 10.0 on average for layers 3, 4, and 5, respectively. 
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Figure 4-14: Moment-Curvature response of CW-1, WLP & SLP 
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4.3.3 Base Shear-Lateral Displacement Responses 

The base shear-drift ratio response of the wall under the WLP and SLP is shown in Figure 4-15. 

For rotation demands less than 2.0%, the drift ratios were found to be mostly symmetric for the 

loading in the positive and negative in-plane directions. However, since the hinge rotations were 

controlled during the experiments rather than the drift ratios, at the first cycle of -2% hinge rotation 

demand, a drift ratio of -2.78% was recorded, whereas, for the loading to +2% hinge rotation 

demand, the drift ratio was 2.25%. The lower drift ratio at the +2% hinge rotation demand was due 

to damage (i.e., bar buckling, cover crushing, and cover spalling) that occurred at the east flange 

when the flange was under compression at the previous cycle (-2% hinge rotation demands). 

Similarly, because of the damage occurring at the east flange under +2% hinge rotation demands, 

at the second cycle to -2% rotation demands (failure point), the drift ratio was lower than the 

previous cycle (-2.78% versus 2.6%). Therefore, the maximum drift ratio recorded during the test 

was 2.78%, which resulted in an estimated displacement ductility value of 18.5.  

The base shear-drift ratio responses due to flexural and shear (Equation (3.3) deformations are 

shown in Figure 4-16. The shear sliding along the wall-footing interface (𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑤𝑎𝑙𝑙), and also the 

shear sliding of the bottom foundation block along the laboratory floor (𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑏𝑙𝑜𝑐𝑘) were found 

to be significantly smaller (less than 1% of the total displacement) during the SLP compared to the 

flexural (𝛿𝑓,𝑤𝑎𝑙𝑙), shear (𝛿𝑠,𝑤𝑎𝑙𝑙), and slip/extension (𝛿𝑓,𝑠𝑙𝑖𝑝) deformations; therefore, they are not 

included in Figure 4-16.  

The percent contributions of 𝛿𝑓,𝑤𝑎𝑙𝑙, 𝛿𝑠,𝑤𝑎𝑙𝑙, and 𝛿𝑓,𝑠𝑙𝑖𝑝 are shown in Figure 4-17 for the SLP and 

for the ramp-up portion of the  WLP. The values shown in Figure 4-17 were calculated at the peak 

demands of the first cycle at each load step. With increasing hinge rotation demands, the 

contribution of the slip/extension deformations decreased to approximately 6% at 2% rotation 
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demands from 30% at first yield (0.7Mpr moment demands). In the positive loading direction, shear 

deformations (calculated with Equation (G.18) accounted for approximately 25% of the total 

deformation at the top of the wall. Accordingly, the contribution of flexural deformations was 60% 

to 65%.  In the negative direction, however, the percent contribution of the flexural deformations 

gradually increased to 65% at -7.5ϴy hinge rotation demands and decreased afterward to 55% at -

20ϴy hinge rotation demands (-2%). The comparison between the shear deformations calculated 

using Equation (G.18 and (G.19 resulted in similar values for the rotation demands between -2.0ϴy 

and -10ϴy with an average contribution of 25%. However, due to the decrease in the contribution 

of the flexural deformations after -7.5ϴy rotation demands, the contribution of the shear 

deformations calculated using Equation (G.18 increased to 40%. It should be noted that the 

differences between the positive and the negative loading directions were possibly caused by the 

fact that after some damage started to accumulate in the wall, although the same rotation demands 

were applied in the opposite directions, due to the damage that mostly occurred at the west flange, 

different behaviors were observed. 
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Figure 4-15: In-plane base shear-drift ratio response of CW-1, WLP& SLP 
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Figure 4-16: Different components of in-plane base shear-drift ratio response of CW-1, 

WLP & SLP 

 

 

Figure 4-17: Contributions of flexure, slip/extension, and shear deformations to the lateral 

displacement for CW-1, WLP & SLP 
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4.3.4 Torsional Response 

Figure 4-18 shows the in-plane versus out-of-plane hinge rotation responses of the East and the 

West flanges during the WLP and SLP. During the positive in-plane loading (west flange was under 

tension), positive (+y loading direction), and negative (+y loading direction), OOP rotations were 

recorded for the west and the east flanges, respectively. This behavior resulted in higher tensile 

strain demands at the flange-web corner of the tension flange (west flange) and higher compressive 

strain demands at the corner of the compression flange (east flange). Similar behavior was 

observed for the negative in-plane loading. Higher tension and compression resulted in earlier 

cover crushing and the bar buckling at the outside corners at the web-flange intersection compared 

to flange edges (furthest from the web).  

 

Figure 4-18: IP versus OOP hinge rotation responses of the East and West flanges of CW-1, 

WLP & SLP 
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4.3.5 Local Responses 

Axial strains were measured using vertical LVDTs attached to the east (on the outer surface) and 

to the west (on the inner surface) flanges, as shown in Figure 4-19 and Figure 4-20, respectively. 

The strain values shown in these figures were measured during the first cycle of each load step. 

The maximum tensile strain measured at the east flange LVDTs was 5.2% at Layer 1 at -2% hinge 

rotation demands (-20ϴy), whereas for the west flange, a maximum strain of  3.9% was measured 

at Layer 2 (above the splice region) at 2% hinge rotation demands.  

The tensile strains at the splice region measured using the Layer 1 west flange LVDT,  0.1% to 

0.15% for hinge rotation demands less than 2%, were significantly lower than those measured 

above the splice region. However, an increase in the tensile strains to 0.85% at the splice region 

was observed at 2% hinge rotation demands.  

The compressive strain demand at the east flange Layer 1 LVDT was as high as -0.9% (-0.009 

in./in.) at 2% hinge rotation demands. However, it should be noted here that, given the neutral axis 

depth, since the LVDTs were located a couple of inches away from the concrete surface (Figure 

2-28), the measured LVDT strains overestimate the actual strains at the concrete surface by as 

much as 100%. It should also be mentioned that the torsional rotations resulted in tension at the 

east flange edge, which would cause lower compressive strain demands compared to a test where 

no torsional rotations exist during the in-plane loading. 

During the loading in the negative in-plane direction (the west flange was under compression), the 

LVDTs attached to the inner surface of the west flange were mostly under tension. This was due 

to the fact that first, the neutral axis depth was inside the west flange, and second, the torsion 

observed during the in-plane loading resulted in tension at the west flange edge under loading in 

the negative direction.  
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The axial strain profiles along the length of the wall are given in Figure 4-21 and Figure 4-22 for 

Layer 1 and Layer 2 LVDTs, respectively, where the grey dashed lines show the location of the 

flanges. These figures show that, for the C-shaped test specimens, due to observed torsion and the 

shear lag effects, plane sections do not remain plane, i.e., the distribution of the strains along the 

length of the web is not uniform. This behavior of the flanged walls might play an important role 

in the modeling of these walls, i.e., models with plane section assumptions might underestimate 

the concrete strains. 

 

 

Figure 4-19: Axial strain profiles along the height of the edge of the East flange at the 

negative (left) and positive (right) in-plane loading, WLP & SLP 
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Figure 4-20: Axial strain profiles along the height of the edge of the West flange at the 

negative (left) and positive (right) in-plane loading, WLP & SLP 

 

 

Figure 4-21: Axial strain profiles obtained from Layer 1 LVDTs, WLP & SLP 

 

 

Figure 4-22: Axial strain profiles obtained from Layer 2 LVDTs, WLP & SLP 
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4.4 Axial Load History 

The axial load history of CW-1 during the SLP is shown in Figure 4-23. The axial load was not 

kept constant for CW-1 during the SLP. The axial load decreased during the unloading and 

increased during the loading. Therefore, at the maximum rotation demands for each load step, the 

axial load at the specimen was around 500 kips (0.1Agf ’c), whereas at zero lateral loads, the axial 

load was as low as 150 kips. This variation in axial load resulted in higher residual hinge rotations 

for CW-1 than RCW-1, where the axial load was almost kept constant at 500 kips during the 

loading and unloading (Figure 4-24). The effect of variation of axial load on the pinching behaviors 

of CW-1 and RCW-1 can be observed by comparing base moment-hinge rotation responses of the 

two tests, Figure 4-11 versus Figure 4-13.  

 
Figure 4-23: Axial load history of CW-1 during SLP 
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Figure 4-24: Axial load history of RCW-1 

 

4.5 Vertical Growth 

The vertical growth of CW-1 during the WLP and SLP is shown in Figure 4-25. At 20ϴy hinge 

rotation demands, the maximum vertical growth was 1.04 in. and 0.93 in. in the negative and 

positive directions, respectively. The maximum residual vertical growth under zero loading was 

around 0.3 in. (0.8% of Lp). 

 

Figure 4-25: IP hinge rotation-vertical growth response of CW-1 during WLP and SLP 
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4.6 Impact of Lap Splices 

Given that minor damage and very low tensile strains were observed in the splice region of the 

wall, the hinge rotations of CW-1 under SLP calculated assuming a longer hinge region 

(Lp=lw/2+Ls) is shown in Figure 4-26. Comparison between the Figure 4-26 and Figure 4-11, where 

the plastic hinge length was taken as Lp=lw/2, resulted in approximately 15% and 17.5% higher 

hinge rotation demands at the maximum (20ϴy versus 23.5ϴy) hinge rotation demands. 

 

Figure 4-26: In-plane moment-hinge rotation (Lp=lw/2+Ls) of CW-1 under WLP and SLP 
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5. Experimental Wind Test Results and Discussion (CW-2, CW-3 and CW-4) 

5.1 General 

This chapter focuses on the experimental results of the specimens with higher longitudinal 

reinforcement ratio (ρl = 1.5%, CW-2, CW-3, and CW-4) under the wind loading protocol (WLP). 

The effective yield hinge rotation was estimated to be 0.3% during the testing of CW-2; therefore, 

hinge rotation demands for the loading protocol were based on a hinge yield rotation of 0.3% for 

all the specimens.  

However, a detailed analysis done after the tests showed that the actual effective yield hinge 

rotation was approximately 0.25% (ϴy,exp, Appendix F), which is the same as the analytically 

predicted effective yield rotation value (flexural (Appendix F) + slip (Appendix G), ϴy,t,a  = ϴy,f,a 

+ ϴy,s,a = 0.22% + 0.3% = 0.25%). Therefore, higher hinge rotation demands were applied to the 

specimens than the WLP shown in Figure 2-38. For example, at 3ϴy hinge rotation demands, 0.9% 

hinge rotation was applied, resulting in 3.6ϴy,exp.  

Table 5-1 shows the applied hinge rotation demands in percent values and in terms of ϴy,exp. The 

hinge rotation values for the elastic cycles and the moment demands for the inelastic cycles were 

slightly different for each wall; values given in Table 5-1 represent an average for all three 

specimens. The in-plane probable moment capacity (Mpr,IP) of the specimens calculated using 

1.25fy at εc of 0.003 was calculated to be 4203 kip-ft (Figure 5-1).  

The out-of-plane probable moment capacity in the +y direction (Mpr,OOP+y), where the flange edges 

are under compression, is slightly different for different specimens due to the variation of axial 

loads applied at positions B and E during the loading protocol; 1352 kip-ft for CW-2 

(POOP+y=0.1Agf ’c), 1310 kip-ft for CW-3 (POOP+y=0.05Agf ’c), and 1330 kip-ft for CW-4 

(POOP+y=0.075Agf ’c). In the -y direction, the probable moment capacity was calculated to be 935 
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kip-ft (POOP-y=0.1Agf ’c). Unlike CW-1, for CW-2, CW-3, and CW-4, the same moment demands 

applied in the OOP direction (0.5Mpr,OOP) during ramp-up were also used during ramp-down, 

except for the cases where a significant stiffness reduction was observed in the OOP direction, in 

which case the loading was changed to displacement-control.  

 

Table 5-1: Applied in-plane moment and hinge rotation demands 

Load Step 
Base moment, 

Mb,IP (k-ft) 

Hinge rotation, 

ϴLp,IP (%) 
ϴLp,IP/ ϴy,exp 

Ramp-Up 

0.4Mpr
* ±1681 ±0.05 - 

0.7Mpr
* ±2942 ±0.16 - 

1.2ϴy ±3900 ±0.36 1.44 

1.5ϴy ±3750 ±0.45 1.80 

2.0ϴy ±4050 ±0.60 2.40 

2.5ϴy ±4150 ±0.75 3.00 

3.0ϴy ±4250 ±0.90 3.60 

Ramp-Down 

2.5ϴy ±3800 ±0.75 3.00 

2.0ϴy ±3400 ±0.60 2.40 

1.5ϴy ±2900 ±0.45 1.80 

1.2ϴy ±2500 ±0.36 1.44 

0.7Mpr ±1400 ±0.09 - 

0.4Mpr ±1681 ±0.25 - 

Notes: 

*    Lower moment values (90% of the given values) were applied to CW-3 due to a configuration error 

in the test setup. 

• Moment values are given for the first cycle at each rotation demands 



 

130 

 

 
Figure 5-1: CW-2-3-4 monotonic in-plane moment-curvature diagram with fs = 1.25fy 

5.2 Observed Damage 

5.2.1 CW-2 

The cracking moment of CW-2 was estimated to be -1363 k-ft under negative (Pos. A) and +1394 

k-ft under positive (Pos. D) loading. These values were estimated using the base moment-hinge 

rotation response from each test, where a significant change in the slope was observed. These 

values correspond to 32.4% and 33.2% of the in-plane probable moment capacities (Mpr,IP). Figure 

5-2 and Figure 5-3 show the DIC analysis results at the maximum moment demands during the 

last cycle of 0.4Mpr moment demand load step for Pos. A and Pos. D, respectively.  

First yield of the outer layer of flange longitudinal reinforcement was determined using strain 

gauge data for gauges attached to longitudinal reinforcement at different locations (Figure 2-30). 

Table 5-2 shows the base moment demands at first yield of the flange longitudinal reinforcement 
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immediately above the splices (h=21.5 in.) and at the plastic hinge height (h=Lp=37.5 in.).  Similar 

to CW-1, first yield of the flange longitudinal reinforcement was around 0.65 to 0.7Mpr,IP base 

moment demands with some variation along the length of the flange, i.e., yielding of the bars at 

flange edges and at the flange-web corners was observed at different moment demands. Given the 

shallow moment gradient over the test specimen height (Figure G-1), yielding at h=Lp=37.5 in. 

was also observed around 0.65 to 0.7Mpr,IP in-plane base moment demands.  

After the completion of the ramp-up cycles, some damage was observed at the west flange. Figure 

5-4 shows the cover spalling at the base of the west flange edge and the corner. No damage, i.e., 

cover spalling, concrete crushing, bar buckling, or bar rupture, was observed at the east flange or 

within the web. Some vertical cracks existed at the east flange edge and east flange corner.  

A more significant amount of damage was observed during ramp-down loading. When the inelastic 

ramp-down cycles were completed, cover spalling was observed at both corners of the specimen, 

minor cover crushing occurred at the base of the west flange edge, and longitudinal reinforcement 

buckling and core crushing were observed at the base of the east flange edge. The cover spalling 

was more extensive at the east flange edge compared to the west flange, exposing the vertical bars 

at the wall-foundation interface and at around 19 in. above the interface. Figure 5-5Figure 5-6, 

Figure 5-7 show the damage state of CW-2 after the completion of inelastic ramp-down cycles.  

Although no additional damage was observed at the web or flange corners during the elastic ramp-

down cycles at 0.4Mpr moment demands (500 cycles under force-control), more concrete crushing 

was observed at the flange edges, especially for the east flange. At the end of the 500 cycles, at the 

base of the east flange edge, the core concrete was completely crushed between the first two layers 

of vertical reinforcement, or for a distance of approximately 7 in. along the flange (23% of the 

flange length). The cover was lost at the east flange edge, exposing the first layer of longitudinal 
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reinforcement up to a height of approximately 8 in. above the wall-footing interface. The concrete 

cover on the outside surface of the east flange near the wall-footing interface was lost, and all outer 

layer longitudinal reinforcement was visible. Buckling of longitudinal reinforcement was observed 

for the first layer of bars at the east flange edge; however, no bar fracture was observed. Figures 

Figure 5-8, Figure 5-9, and Figure 5-10 show the damage state of CW-2 after the wind loading 

protocol was completed.  

Table 5-2: Base moment demands at first yield of flange longitudinal reinforcement, CW-2 

Flange 
Moment 

Demand 

Flange Edge Flange Corner 
Flange 

Center 

h=21.5 in. h=37.5 in. h=21.5 in. h=37.5 in. h=21.5 in. 

East 

Flange 

Base 

Moment 

(MIP) k-ft 

-2652 -2725 -2871 -2692 -2692 

MIP / Mpr,IP 0.63 0.65 0.68 0.64 0.64 

West 

Flange 

Base 

Moment 

(MIP) k-ft 

2718 2659 2554 2961 - 

MIP / Mpr,IP 0.65 0.63 0.61 0.70 - 
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Figure 5-2: DIC analysis results at the last cycle of 0.4Mpr demands at Pos. A, CW-2 
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Figure 5-3: DIC analysis results at the last cycle of 0.4Mpr demands at Pos. D, CW-2 
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Figure 5-4: West flange corner (left), West flange edge (right) after the ramp-up loading of 

WLP, CW-2 
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Figure 5-5: East flange edge (left), West flange edge (right) after inelastic ramp-down cycles 

of WLP, CW-2 

 

 

Figure 5-6: East flange after inelastic ramp-down cycles of WLP, CW-2 
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Figure 5-7: West flange after inelastic ramp-down cycles of WLP, CW-2 

 

   

Figure 5-8: West flange after the completion of WLP, CW-2 
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Figure 5-9: East flange edge after the completion of WLP, CW-2 
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Figure 5-10: East flange after the completion of WLP, CW-2 

 

5.2.2 CW-3 

Due to a configuration error in the test control setup, the 500 cycles were applied at ±1500 k-ft 

(0.36Mpr,IP) base moment demands instead of at 0.4Mpr,IP. Similarly, the base moment demand was 

0.63Mpr,IP for the 30 cycles at 0.7Mpr,IP.   

The cracking moment of CW-3 was estimated to be around +1750 k-ft (42% of Mpr,IP) and -1678 

k-ft (40% of Mpr,IP) by observing a significant change in the slope of base moment-hinge rotation 

response of the wall, which occurred after the application of 500 cycles at 0.36Mpr,IP. The DIC 

analysis showed a cracking pattern very similar to CW-2 (Figure 5-2 and Figure 5-3).  
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During the concrete casting of the specimen, the strain gauges attached to the east flange 

longitudinal reinforcement (Figure 2-31) were damaged. Therefore, only the strain gauges attached 

to the west flange longitudinal reinforcement (Figure 2-31) at 21 in. above the footing were used 

to estimate the base moment at first yield. The strain gauges attached to the outer layer flange edge 

and flange-web corner vertical reinforcement showed that they yielded simultaneously at 

0.69Mpr,IP in-plane base moment demand.   

After all the ramp-up cycles (elastic and inelastic), CW-3 showed no significant damage (e.g., no 

concrete spalling, concrete crushing, bar buckling, or bar fracture). Vertical cracks formed at the 

web-flange corners and at the east flange edge, but cover spalling was not observed. After the 

application of the ramp-down cycles, cover spalling (up to 7 in. above the footing) and minor 

concrete crushing occurred at the base of the east flange edge, exposing the first outer layer of 

vertical reinforcement at the base (Figure 5-11). Similarly, cover spalling up to 9 in. and 20 in. 

above the footing was observed at the east and west flange corners (Figure 5-12).  
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Figure 5-11: East flange edge after the completion of WLP, CW-3 
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Figure 5-12: East flange (left) and West flange (right) after the completion of WLP, CW-3 

 

5.2.3 CW-4 

The cracking moment of CW-4 was estimated to be -1410 k-ft and +1530 k-ft under negative (Pos. 

A) and positive (Pos. D) moments, respectively. These values were estimated using the base 

moment-hinge rotation response of the specimen, where a significant change in the slope was 

observed. These values corresponded to 33.5% and 36.4% of the in-plane probable moment 

capacities (Mpr,IP).  

Using the strain gauges attached to the flange longitudinal reinforcement at 21 in. above the 

footing, first yield of the east flange corner reinforcement was determined to be at -2795 k-ft base 

moment (0.66Mpr,IP). For the west flange edge and west flange-web corner vertical reinforcement, 
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first yield was estimated to occur at +2890 k-ft (0.69Mpr,IP) base moment demands. The strain 

gauge attached to the east flange edge vertical reinforcement was damaged during the construction.  

After the ramp-up loading, no damage was observed at the east flange edge, whereas for the west 

flange edge, cover spalling occurred at  up to 3 in. above the wall-footing interface, and buckling 

of the outer layer of longitudinal reinforcement was observed (Figure 5-13). Cover spalling was 

observed up to 22 in. and 7 in. above the wall-footing interface at the west and east flange-web 

corners, respectively (Figure 5-14).  

During the inelastic ramp-down cycles, no additional damage was observed at the flange-web 

corners and for the west flange edge. However, concrete crushing, buckling, and fracture of the 

outer layer vertical reinforcement occurred at the base of the east flange edge (Figure 5-15). The 

elastic ramp-down cycles did not cause any additional damage to the wall. 

 

   

Figure 5-13: East flange edge (left) and West flange edge (right) after the ramp-up loading 

of WLP, CW-4 
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Figure 5-14: East flange corner (left) and West flange corner (right) after the ramp-up 

loading of WLP, CW-4 
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Figure 5-15: East flange edge after the inelastic ramp-down cycles of WLP, CW-4 

5.3 Load-Deformation Responses 

5.3.1 Base Moment-Hinge Rotation Responses 

The plastic hinge (Lp=lw/2) rotations (IP and OOP) were computed using the four LVDTs attached 

to the four corners of the specimens (Figure 2-27 and Figure 3-9) and using Equations (3.1 and 

(3.2. Figure 5-16 plots the in-plane base moment-hinge rotation responses of CW-2, CW-3, and 

CW-4 during the WLP. Values of rotation ductility shown in Figure 5-16 were calculated based on 

using ϴy,exp = 0.25%. The responses of the three walls, for ramp-up loading only, are also plotted 

together in Figure 5-16(d) for comparison.  
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As expected, since the cross-sectional dimensions, longitudinal reinforcement ratio, diameter and 

grade of the longitudinal reinforcement, and axial load applied during the in-plane loading were 

all the same for these walls, the in-plane base moment-hinge rotation responses for the three walls 

are very similar to each other. No strength loss was observed during the WLP for any of the walls, 

although, at the maximum rotation demands (3.6ϴy,exp), the base moment values for CW-2 were 

slightly lower (3.3% and 4.4% at Pos. D and Pos. A, respectively) than CW-3 and CW-4, possibly 

due to the more significant damage that was observed for CW-2.  

The analytical prediction (Appendix F) for the in-plane base moment-hinge rotation response is 

also plotted in Figure 5-16, showing that the predicted response matches very closely with the 

experimental results for flexural stiffness (uncracked and cracked), yield moment, and post-yield 

responses.  

Since more damage was observed in all three walls during the ramp-down cycles, the in-plane base 

moment-hinge rotation responses during the inelastic and elastic ramp-down cycles are compared 

in Figure 5-17. The comparison indicates that, for the inelastic ramp-down loading (under 

displacement-control), CW-2 had lower base moment demands (6.8%, 11.1%, 11.5%, and 12.4% 

at 3.0ϴy,exp, 2.4ϴy,exp, 1.8ϴy,exp, and 1.4ϴy,exp demands, respectively) in the negative loading 

direction than CW-3 and CW-4.  

For the elastic ramp-down cycles (under force-control), CW-2 had 24.5% and 45.5% more in-plane 

rotation demands than CW-3 and CW-4, respectively, in the positive in-plane loading direction. In 

the negative direction, the hinge rotation demands were similar (around 10% difference). It should 

be noted that, due to the high level of hinge rotation demands (approximately equal to ϴy,exp) during 

the ramp-down loading at 0.4Mpr moment demands, the number of cycles was decreased to 250 

from 500 for CW-3 and CW-4. 
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Figure 5-16: In-plane moment-hinge rotation responses during WLP (only the ramp-up 

cycles are shown for the bottom right figure) 

 

 

Figure 5-17: In-plane moment-hinge rotation responses during the inelastic ramp-down 

(left) and elastic ramp-down (right) cycles of WLP 
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The out-of-plane base moment-hinge rotation responses during the WLP are shown in Figure 

5-18(a) – (c) for CW-2, CW-3, and CW-4, respectively, and  also plotted for the ramp-up cycles 

for all three tests in Figure 5-18. During the ramp-up loading, loading was applied under force-

control in both the negative and positive directions for all three specimens. Almost no stiffness 

degradation was observed for CW-3 (POOP+y=0.05Agf ’c) during the ramp-up loading at Pos. B and 

E (flange edges were under compression), whereas for CW-2 (POOP+y=0.10Agf ’c) and CW-4 

(POOP+y=0.075Agf ’c), the OOP hinge rotations increased from around 0.25% to 0.45% and 0.6% 

for CW-2 and CW-4, respectively. This behavior was consistent with the damage progression 

observed at the flange edges for CW-2 and CW-4.  

On the other hand, in the negative direction (Pos. C and F, web corners were under compression), 

stiffness degradation was observed for all four of the specimens, with the lowest degradation 

observed for CW-3. Similar responses were expected in the negative direction since the axial load 

was identical for the negative direction, POOP-y=0.10Agf ’c, and the damage that occurred at the 

flange-web corners was very similar for all the specimens.  

Figure 5-19 shows the OOP base moment-hinge rotation responses of the walls during the inelastic 

ramp-down loading. CW-3 experienced a more significant stiffness reduction in the negative 

direction compared to the ramp-up cycles. Therefore, the loading was changed from force- to 

displacement-control, and OOP hinge rotations of -0.5% were applied instead of OOP moment 

values of 0.5Mpr,OOP-y. For CW-4, loads were applied under force-control during the ramp-down 

loading, and no significant stiffness degradation was observed in either direction (+y and -y). 

Unlike CW-3 and CW-4, CW-2 experienced significant damage at the east flange edge. 

Approximately 23% of the east flange core concrete was crushed at the end of the ramp-down 

cycles (Section 5.2.1). Therefore, in the positive y direction, a significant degree of stiffness 
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degradation was observed at the start of the ramp-down cycles; therefore, the loading was done 

under displacement-control instead of force-control.  

OOP hinge rotations of +0.5% were applied for the ramp-down cycles, and at the end of the 

inelastic ramp-down cycles, the OOP base moments decreased to 230 k-ft from 675 k-ft (66% 

strength loss). Figure 5-20 shows the OOP base moment-hinge rotation responses, calculated using 

the LVDTs shown in Figure 2-27 and Figure 3-9, for the east and west flanges under ramp-down 

loading separately. Figure 5-20 reveals that the strength loss observed in the positive direction 

during the ramp-down loading for CW-2 was mainly due to the damage that occurred at the east 

flange edge.  

 
Figure 5-18: OOP moment-hinge rotation responses during WLP (only the ramp-up cycles 

are shown for the bottom right figure) 
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Figure 5-19: OOP moment-hinge rotation responses during the inelastic ramp-down cycles 

of WLP 
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Figure 5-20: OOP moment-hinge rotation response of CW-2 flanges during the inelastic 

ramp-down cycles of WLP 

5.3.2 Moment-Curvature Responses 

Curvature values for each wall were calculated using the column of LVDTs attached over the wall 

height at various locations (Figure 2-24 and Figure G-1). For CW-2, there were no LVDTs attached 

at the flange-web corners; therefore, only the Group 1 LVDTs shown in Figure 5-21 were used for 

curvature calculations.  

For  Phase II wall tests (CW-3 and CW-4), additional LVDTs were used on the outer surface of the 

flange-web corners (Figure 5-21); therefore, both the Group 1 and Group 2 LVDTs were used to 

compute curvature values for CW-3 and CW-4. Figure 5-22 shows the moment-curvature 

responses calculated at different layers and the average curvature over Lp (lw/2) calculated using 

the control sensor LVDTs (Figure 2-27).  
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For CW-2, the biggest curvatures were observed at Layers 3 (20-37.5 in.) and 4 (37.5-57.5 in.), 

with curvature ductility values (μφ) of 4.4 in the negative direction at Layer 3 and μφ=4.0 in the 

positive direction at Layer 4. The curvature values within the splice region (ls=20 in.) were 

considerably lower compared to Layers 3 and 4. In Layer 1 (2-10 in.), μφ of 0.8 and 2.4 was 

observed in the positive and negative directions, respectively. For Layer 2 (10-20 in.), the curvature 

ductility values (-2.75 and +3.0) were higher than Layer 1 but lower than Layers 3 and 4. The 

analytically predicted moment-curvature response was also plotted in Figure 5-22. The predicted 

response matched well for the layers above the splice region. For the splice region, the stiffness 

was higher due to the higher amount of longitudinal reinforcement.  

Figures Figure 5-23 and Figure 5-24 show the moment-curvature responses of CW-3, and Figures 

Figure 5-25 and Figure 5-26 show the moment-curvature responses of CW-4. The curvature 

responses of Phase-II walls were very similar to each other, i.e., for Layer 1, the μφ was less than 

1.0 in both directions, and the highest curvature ductility values were measured at Layers 3 and 4, 

with μφ ranging from 4.0 to 5.0. The curvature values calculated using Group 1 and Group 2 

LVDTs resulted in similar results in most cases. In general, Group 2 LVDTs showed larger 

curvature values relative to Group 1, which was due to the fact that higher tensile and compressive 

strain demands were measured at the flange-web corners than at flange edges (Section 5.3.5).  
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Figure 5-21: LVDT groups used for curvature calculations 
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Figure 5-22: Moment-Curvature responses of CW-2 during WLP 
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Figure 5-23: Moment-Curvature responses at Layers 1 and 2 of CW-3 during WLP 
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Figure 5-24: Moment-Curvature responses at Lp and Layers 3, 4, and 5 of CW-3 during 

WLP 
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Figure 5-25: Moment-Curvature responses at Layers 1, 2, and 3 of CW-4 during WLP 
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Figure 5-26: Moment-Curvature responses at Lp, and Layers 4 and 5 of CW-3 during WLP 
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5.3.3 Base Shear-Lateral Displacement Responses 

In-plane (IP) drift ratios were measured using the two horizontal LVDTs attached to the northeast 

and southeast corners of the top block. Figure 5-27 shows the IP drift ratios computed for each of 

the two LVDTs for CW-2, CW-3, and CW-4 during the WLP. The lateral displacements at the top 

of the wall due to sliding and rotation of the bottom foundation block were excluded.  

For all specimens, in both the positive and negative in-plane directions, the drift ratios were higher 

at the northeast corner compared to the southeast corner. The drift ratios at the northeast corner 

were approximately 30% higher for CW-2 and CW-3 in the positive direction and 23% higher for 

CW-2 in the negative direction at the maximum rotation demands. The differences were smaller 

for CW-4 in both directions (approximately 3%) and for CW-3 in the negative direction 

(approximately 10%). The differences in the drift ratios were observed due to the torsion that 

occurred during in-plane loading.  

The readings from the two LVDTs were also averaged to calculate the average in-plane drift ratios. 

The average drift ratios for all specimens during the WLP are shown in Figure 5-28, where the 

displacement ductility values were calculated using an effective yield drift ratio of 0.4% in both 

the positive and negative directions. The average in-plane drift ratios during ramp-up loading for 

all three specimens were also plotted together in Figure 5-28 for comparison.  

The highest drift ratio measured in the positive direction, +1.92%, was for CW-4 at the maximum 

rotation demand, whereas for CW-2 and CW-3, it was +1.61% and +1.64%. In the negative loading 

direction, CW-4 had -2.10%, and CW-2 and CW-3 had -1.75% and -1.53% drift ratio demands, 

respectively. The in-plane drift ratio demands during the ramp-up loading are summarized in Table 

5-3. Different drift ratios were measured for the different walls because the in-plane rotation 

demands were controlled during the testing, not the drift ratios. Due to the different amounts of 
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damage that occurred over the hinge region for different walls, different drift ratios were observed. 

At the maximum hinge rotation demands of the WLP, the in-plane hinge rotation demand was 

0.9%, whereas the in-plane drift ratios were significantly higher than these values, ranging from 

1.5% to 2.1%. This difference was due to the high curvature/rotation demands that occurred above 

the assumed hinge region (Layers 4 and 5, FiguresFigure 5-22 through Figure 5-26). For the hinge 

region, lower curvature values were computed for the splice region (ls = 20 in.), which accounted 

for  53.3% of the plastic hinge length (Lp = 37.5 in.) but only 22.7% of the total wall height (88 

in.). Therefore, at 0.9% hinge rotation demands, the drift ratios were approximately 1.7 and 2.33 

times larger. The results suggest that overlapping longitudinal reinforcement stiffens and 

strengthens the splice region such that inelastic curvatures spread over a greater height.  

The drift ratios in the out-of-plane (OOP) direction were measured using the two LVDTs attached 

to the northeast and northwest corners of the top block; computed drift ratios using these LVDTs 

are shown in Figure 5-29 for the ramp-up and ramp-down loading of the WLP. Average drift ratios 

using the readings from the two LVDTs were also calculated and shown in Figure 5-30.  

In the negative OOP direction (web-flange corners were under compression), no strength loss was 

observed for any of the specimens; however, some stiffness reduction was observed, i.e., the drift 

ratios increased from around -0.5% to around -1.0%, mainly during the ramp-up loading.  

In the positive OOP direction (flange edges were under compression), given the lower amount of 

damage that occurred to CW-3 relative to CW-2 and CW-4, which was due to the lower level of 

applied axial load (POOP+y=0.05Agf ’c), no stiffness degradation or strength loss was observed for 

CW-3. For CW-4 (POOP+y=0.075Agf ’c), similar to CW-3, no strength loss was observed, but 

stiffness reduction occurred, i.e., the drift ratios increased from around +0.25% to 0.5%. For CW-

2 (POOP+y=0.10Agf ’c), the drift ratios increased from around +0.25% to 0.5% during the ramp-up 
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cycles. During the ramp-down loading, a significant amount of strength loss was observed, i.e., 

the base shear decreased to 15 kips from 54 kips (72% reduction). 

Table 5-3: Drift ratios at the top of the walls during the ramp-up loading of WLP 

Load Step 

Hinge 

rotation, 

ϴLp,IP (%) 

Top Drift Ratio  (%) 

CW-2-3-4 CW-2 CW-3 CW-4 

Pos. Dir 

(Pos. D) 

0.4Mpr +0.05 +0.13 +0.032 +0.14 

0.7Mpr +0.19 +0.41 +0.22 +0.40 

1.2ϴy +0.36 +0.68 +0.63 +0.76 

1.5ϴy +0.45 +0.81 +0.86 +0.91 

2.0ϴy +0.60 +1.06 +1.10 +1.19 

2.5ϴy +0.75 +1.32 +1.37 +1.56 

3.0ϴy +0.90 +1.61 +1.64 +1.92 

Neg. Dir 

(Pos. A) 

0.4Mpr -0.06 -0.17 -0.15 -0.17 

0.7Mpr -0.19 -0.40 -0.40 -0.45 

1.2ϴy -0.36 -0.64 -0.67 -0.87 

1.5ϴy -0.45 -0.80 -0.77 -1.03 

2.0ϴy -0.60 -1.06 -0.95 -1.33 

2.5ϴy -0.75 -1.37 -1.20 -1.69 

3.0ϴy -0.90 -1.75 -1.53 -2.10 



 

162 

 

 

Figure 5-27: In-plane base shear-drift ratio responses measured at the NE, and SE corners 

of the top block under WLP 
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Figure 5-28: Average In-plane base shear-drift ratio responses under WLP 
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Figure 5-29: Out-of-plane base shear-drift ratio responses measured at the NE, and NW 

corners of the top block under WLP 
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Figure 5-30: Average out-of-plane base shear-drift ratio responses under WLP 

 

As mentioned in Section 3.3.3, the total in-plane lateral displacement (𝛿𝑡𝑜𝑡) of the wall can be 

expressed as the sum of the flexural and shear deformations over the wall height ((3.3). Flexural 

deformations include the curvature/rotation of the wall (𝛿𝑓,𝑤𝑎𝑙𝑙) and the deformations due to the 

slip/extension at the wall-footing interface (𝛿𝑠𝑙𝑖𝑝). Shear deformations include the pure translation 

(shear distortion) along the height of the wall (𝛿𝑠,𝑤𝑎𝑙𝑙), the shear sliding along the wall footing 

interface (𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑤𝑎𝑙𝑙), and also the shear sliding of the bottom block along the laboratory floor 

(𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑏𝑙𝑜𝑐𝑘). The lateral displacements due to the rotation of the bottom block were found to be 
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negligible. The details regarding the displacement calculations due to 𝛿𝑓,𝑤𝑎𝑙𝑙, 𝛿𝑠𝑙𝑖𝑝, and 𝛿𝑠,𝑤𝑎𝑙𝑙 are 

given in Appendix G. 𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑤𝑎𝑙𝑙 and 𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑏𝑙𝑜𝑐𝑘 were measured directly using LVDTs.  

Figures Figure 5-31, Figure 5-32, and Figure 5-33 show the base shear-drift ratio responses for the 

different deformation components for CW-2, CW-3, and CW-4, respectively, during the ramp-up 

and ramp-down loading of the WLP.  

The percent contributions of flexural, shear, and slip/extension deformations to the lateral 

displacement at the top of each wall are shown in Figures Figure 5-34Figure 5-35, and Figure 5-36 

for CW-2, CW-3, and CW-4, respectively.  

The average contributions from (negative and positive values) CW-2, CW-3, and CW-4 are also 

shown in Figure 5-37. While the contributions of the shear sliding of the wall and bottom block 

are not given in these figures, in total, these items contributed approximately 5%, 6%, and 3%, on 

average, to the total lateral displacement for CW-2, CW-3, and CW-4, respectively. The 

slip/extension deformations at the base of the wall contributed approximately 10% and 20% of the 

total displacement, on average, at first yield (0.7Mpr) and at the maximum rotation demands (3ϴy), 

respectively.  

In general, the contribution of the slip/extension stayed constant after 1.2ϴy rotation demands. The 

lateral displacements due to flexural deformations were around 30 to 35% of the total 

displacements at the first yield; however, with increasing displacement demands, this contribution 

increased to 50%, 45%, and 40% for CW-2, CW-3, and CW-4, respectively.  

There was a greater variation for the lateral displacement contribution of the shear deformations 

calculated using Equation (G.18. Generally, shear deformations accounted for around 50% to 60% 

of the total top displacement at first yield and decreased to 30% to 40% at the maximum 
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displacement demands. When the lateral displacements due to shear deformations were calculated 

using Equation (G.18, the percent contributions were lower, with values around 20% to 30%.  

As mentioned in Section 3.3.3, the flexural drift ratios due to plastic hinge rotations are mostly 

constant along the height of a wall, whereas shear deformations (pure translation) decrease up the 

height of the wall; therefore, the percent contribution of the shear deformations to the drift ratios 

at the top of a cantilever wall is expected to be much smaller than the values given here.  
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Figure 5-31: Different components of in-plane base shear-drift ratio response of CW-2 

under WLP 



 

169 

 

 

Figure 5-32: Different components of in-plane base shear-drift ratio response of CW-3 

under WLP 
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Figure 5-33: Different components of in-plane base shear-drift ratio response of CW-4 

under WLP 
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Figure 5-34: Contributions of flexure, slip/extension, and shear deformations to the lateral 

displacement for CW-2 during WLP 

 

 

Figure 5-35: Contributions of flexure, slip/extension, and shear deformations to the lateral 

displacement for CW-3 during WLP 

 

 

Figure 5-36: Contributions of flexure, slip/extension, and shear deformations to the lateral 

displacement for CW-4 during WLP 
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Figure 5-37: Average contributions of flexure, slip/extension, and shear deformations to the 

lateral displacement  

5.3.4 Torsional Responses 

Torsional rotations during the WLP, calculated using Equation (3.4, are shown in Figures Figure 

5-38b, Figure 5-39b, and Figure 5-40b for CW-2, CW-3, and CW-4, respectively. The torsional 

responses of the specimens were similar to each other both during the ramp-up and ramp-down 

loading; in general, there was a change in the torsional rotations during the in-plane loading, with 

the values ranging around -0.45% to +0.2%. This torsional behavior of the specimens during the 

in-plane loading can also be observed in Figures Figure 5-38a,Figure 5-39a, andFigure 5-40a, 

which show the IP versus OOP rotation responses of the east and west flanges individually. The 

torsional rotations resulted in higher compressive strain demands at the flange-web corners than 

at the flange edge for the flange that was under compression. Similarly, torsional rotations resulted 

in higher tensile strain demands at the flange-web corners for the flange that was under tension. 

This behavior caused concrete cover crushing and spalling at the flange-web corners sooner than 
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the flange edges for all the specimens (Section 5.2), possibly delaying concrete crushing and 

longitudinal reinforcement buckling observed at the flange edges.  

During the application of biaxial loading, almost no changes in the torsional rotations were 

observed when loading was in the positive in-plane direction (Pos. E and F). However, there was 

a significant change in the torsional rotation demands during the OOP loading for negative in-

plane rotation demands (Pos. B and C, the east flange was under tension). This behavior was 

mainly due to the flexibility of the support for the horizontal actuator used in the OOP direction 

attached to the steel loading beam on the east side of the specimen (Actuator 5). The higher torsion 

rotations occurred at Pos. B and C of the loading protocol resulted in higher positive OOP rotation 

demands at the east flange (flange that was under tension) and higher negative OOP rotation 

demands at the west flange (flange that was under compression). This behavior resulted in concrete 

spalling over a greater height (approximately up to 20 in. above the footing) for the west flange 

corner compared to the east flange corner (spalling up to 7 in. above the footing).  

 

Figure 5-38: a) IP versus OOP hinge rotation of the East and West flange, b) IP Rotation 

versus Torsional rotation responses of CW-2 during WLP 
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Figure 5-39: a) IP versus OOP hinge rotation of the East and West flange, b) IP Rotation 

versus Torsional rotation responses of CW-3 during WLP 

 

 

Figure 5-40: a) IP versus OOP hinge rotation of the East and West flange, b) IP Rotation 

versus Torsional rotation responses of CW-4 during WLP 
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5.3.5 Local Responses 

Axial strains were measured using columns of LVDTs attached at the flange edges, at the inside 

surface of the web, and at the flange-web corners for CW-3 and CW-4 (Figures Figure 2-24,Figure 

2-25, and Figure 5-21).  

CW-2 

Figure 5-41 and Figure 5-42 show the axial strain distribution along the height of the east and west 

flange edges of CW-2, respectively, during the ramp-up loading of WLP at different loading 

positions.  

The highest tensile strains were measured as 1.88% and 1.77% for the east and west flanges, 

respectively, at Layer 4 (37.5-57.5 in.) for both flanges during the in-plane loading (Pos. A and D). 

With the application of the biaxial loading, the tensile strains at the flange edges at Layer 4 

increased to 1.93% and 1.87% for the east flange (at Pos. C) and west flange (at Pos. F), 

respectively.  

The Layer 1 LVDTs (2-10 in.) had the lowest tensile strains for both flanges due to the splice (0-

20 in.), which appeared to strengthen and stiffen this region. For the east flange, the tensile strains 

were also low for Layer 2 (10-20 in.) compared to the other layers, whereas for the west flange, 

Layer 2 LVDTs had higher tensile strains than Layer 3 LVDTs, possibly because of a large crack 

that occurred at the end of the splice that was within the Layer 2 LVDT anchor rod (versus within 

Layer 3).  

During positive in-plane (Pos. D, the east flange was under compression) ramp-up loading, the 

east flange Layer 1 LVDTs were under tension. This was due to the torsion that occurred during 

in-plane loading, i.e., during the in-plane loading, the east flange had negative OOP rotations 

(Figure 5-38a) which resulted in tension at the base of the east flange edge.  
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Figure 5-43 shows the in-plane versus out-of-plane rotation response of the east flange during the 

ramp-up and ramp-down loading. The figure shows that, during positive in-plane ramp-up loading, 

the east flange had negative OOP rotations, which was consistent with the tensile strain reading at 

the east flange edge Layer 1 LVDTs and with the fact that no damage occurred at the east flange 

during ramp-up loading. However, during ramp-down loading, less torsion was observed, and the 

east flange had higher positive OOP rotations during the positive IP loading (Figure 5-43), which 

resulted in higher compressive strain values at the east flange edge during ramp-down loading 

(Figure H-1).  

At the +2ϴy IP hinge rotation ramp-down load step (Pos. D), Layer 1 LVDTs at the east flange 

edge recorded -0.006 compressive strain demands, and with the application of the OOP loading 

(Pos. E), the compressive strain demands increased to -0.015 (Figure H-1). At the +1.5ϴy and 

+1.2ϴy ramp-down load steps, the compressive strain demands at Pos. D (in-plane loading only) 

were -0.01 and -0.012, respectively, and these values increased to -0.025 and -0.029 with the 

application of OOP loading (Pos. E, Figure H-1). These high compressive strain values observed 

during the ramp-down loading for the east flange edge Layer 1 LVDTs were consistent with the 

significant amount of damage (concrete core crushing) that occurred during the ramp-down 

loading at the east flange edge (Section 5.2.1).  

Unlike the east flange, torsional responses were less pronounced when the west flange was under 

compression (negative IP loading, Pos. A). During negative IP ramp-up loading, the west flange 

had lower negative OOP rotation demands (around -0.002, Figure 5-38a) than the east flange, 

which resulted in compressive strain demands of -0.0068 at Pos. A at -3.0ϴy IP hinge rotation load 

step for the west flange edge Layer 1 LVDTs. With the application of the OOP loading (Pos. B), 

the compressive strain demands increased to around -0.011. The higher compressive strain 
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demands measured within the Layer 1 west flange edge LVDTs were consistent with the damage 

that occurred at the base of the west flange edge during the ramp-up loading. During the ramp-

down loading at Pos. B, the compressive strain demands at the west flange Layer 1 LVDTs were 

around -0.01 to -0.013 (Figure H-2), which resulted in more damage at the west flange edge during 

the ramp-down loading (Section 5.2.1).  

Figure 5-44 shows the effect of biaxial loading on the flange edge compressive strains by 

comparing the Layer 1 and Layer 2 LVDT readings during the ramp-up loading at Pos. A and Pos. 

B for the west flange, and at Pos. D and Pos. E for the east flange. In general, the application of 

0.5Mpr,OOP+y OOP moment demands resulted in the compressive strain demands increasing by a 

factor of approximately 2.0 during the lower IP hinge rotation demands (1.2ϴy and 1.5ϴy), and by 

approximately factors of 1.5 and 1.6 during the higher IP rotation demands (2.5ϴy and 3.0ϴy).  

Figure 5-45 and Figure 5-46 show the axial strain profiles along the length of the wall using the 

Group 1 LVDTs (Figure 5-21) for the Layer 1 and Layer 2 LVDTs, respectively, during the ramp-

up loading. The grey dashed lines in these figures represent the location of the flanges. Because of 

the lower tensile strains over the splice region, the distribution of the strains along the wall length 

were not linear for the Layer 1 LVDTs. However, for the Layer 2 LVDTs, higher tensile strains 

were computed for the web and flange edge LVDTs, which resulted in a more linear distribution 

than for Layer 1. To estimate the strains at the concrete surfaces (LVDTs were attached a couple 

of inches away from the concrete surfaces, Figure 2-28), a neutral axis depth of 13 in. was assumed 

at Layer 1. This value was selected using the analytical moment-curvature predictions which 

matched the experimental results very well (see Section 5.3.2 and also Figure 5-46). The neutral 

axis depth at Layer 2 was estimated to be around 11 in. at the maximum IP hinge rotation demands 

at both Pos. A and Pos. D from Figure 5-46. Given that the curvatures were smaller within Layer 
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1 than within Layer 2 (Figure 5-22), a higher neutral axis depth value was expected at Layer 1. 

Also, the neutral axis depth was found to be 15 in. at the curvature values observed from Layer 1 

using an analytical (monotonic) moment-curvature analysis. Therefore, a value of 13 in. was 

selected for the strain predictions. The Layer 1 LVDTs were attached approximately 3.5 in. away 

from the concrete surfaces, by assuming a neutral axis depth of 13 in., the compressive strain 

values at the concrete surfaces were estimated to be 0.79 of the LVDT readings 

(13/(13+3.5)=0.79), and the tensile strain values were estimated to be 0.95 of the LVDT strains 

(62/(62+3.5)=0.95). Therefore, the maximum compressive strains at the concrete surfaces were 

estimated to be -0.53% for the west flange edge during the in-plane only ramp-up loading and 

around -1.0% during the ramp-down loading for the west and the east flanges. The compressive 

strains during biaxial (IP + OOP) loading were not estimated using this procedure because, under 

the biaxial loading, the neutral axis orientation was diagonal (not parallel to the flanges). 
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Figure 5-41: Axial strain profiles along the height of the edge of the East flange at different 

loading positions during the ramp-up loading of WLP, CW-2 
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Figure 5-42: Axial strain profiles along the height of the edge of the West flange at different 

loading positions during the ramp-up loading of WLP, CW-2 
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Figure 5-43: IP – OOP hinge rotation response of the east flange of CW-2 

 

 

Figure 5-44: Comparison of compressive strains at different loading positions during the 

ramp-up loading of WLP for the first- and second-layer flange edge LVDTs, CW-2 
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Figure 5-45: Axial strain profiles obtained from Layer 1 LVDTs (Group 1), CW-2 

 

 

Figure 5-46: Axial strain profiles obtained from Layer 2 LVDTs (Group 1), CW-2 

 

CW-3 

Figure 5-47 and Figure 5-48 show the axial strain profiles for CW-3 along the height of the east 

and the west flange edges, respectively, during the ramp-up loading of the WLP. Similar to CW-2, 

the highest tensile strains were measured at the Layer 3 LVDTs with values around 1.5% and 1.8% 

during the in-plane loading for the east (at Pos. A) and the west flange (at Pos. D), respectively. 

Application of the biaxial (IP + OOP) loading increased the Layer 3 tensile strains to 1.9% and 

2.1% for the east (at Pos. C) and the west flange (at Pos. F), respectively. For the west flange edge, 



 

183 

 

both Layer 1 (2-10 in.) and Layer 2 (10-20 in.) LVDTs had very small tensile strain values (around 

0.1%), whereas, for the east flange edge, the Layer 2 LVDTs had higher tensile strain values, 

possibly due to the localized cracking at the end of the splices (Ls = 20 in.) that occurred inside the 

Layer 2 LVDTs anchor points.  

The compressive strain demands measured at the east and west flange edges during the in-plane 

ramp-up loading were similar. The highest compressive strains during the in-plane loading were 

measured at Pos. D (-0.0041) within Layer 1 for the east flange, and at Pos. A (-0.0036) within 

Layer 2 for the west flange. The west flange Layer 1 LVDTs had slightly lower compressive strain 

demands (-0.0034) than Layer 2 LVDTs, possibly because of the higher negative OOP rotations 

observed at the west flange during the in-plane loading than the east flange (Figure 5-39a), i.e., 

higher negative OOP rotations observed during the in-plane loading decreased the compressive 

strain demands within Layer 1 (the same behavior was also observed for the east flange of CW-2). 

The application of the biaxial loading, after decreasing the axial load from 0.1Agf ’c to 0.05Agf ’c, 

increased the maximum compressive strain demands at the flange edges to -0.0057 and -0.0046 

for the east (at Pos. E) and the west (at Pos. B) flanges, respectively. Unlike CW-2, a gradual 

decrease was observed in the strain demands during the ramp-down loading (Figure H-3 and 

Figure H-4). However, although no significant damage was observed at the flange edges at the end 

of the WLP (Section 5.2.2), the higher compressive strain demands measured during the ramp-

down loading (ranging from -0.005 to -0.0035, Figure H-3) resulted in concrete cover spalling and 

some minor core crushing at the base of the east flange edge.  

Figure 5-49 shows the effects of biaxial loading and the variation of the axial load on the 

compression strains measured within Layer 1 and Layer 2 flange edge LVDTs by comparing the 

strains at different in-plane rotations during the ramp-up loading of the WLP. Similar to CW-2, at 
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lower inelastic in-plane hinge rotation demands, the biaxial load application increased the 

compressive strains at the flange edges by approximately a factor of 2.0. With increasing IP 

rotation demands, the OOP loading only increased compressive strain demands for the west and 

east flanges by factors of 1.3 and 1.4, respectively.  

For CW-3, additional LVDTs were used at Layers 1 and 2 at the flange-web corners (attached 

approximately 7 in. to the north of the corners, Figure 2-28). The compressive strains measured at 

these LVDTs were compared to those measured from the LVDTs attached to flange edges in Figure 

5-51. The comparison shows that the compressive strains at the flange edges and the flange-web 

corners during the in-plane-only ramp-up loading of the WLP were similar to each other. In 

general, the corner compressive strains were slightly higher than those at the flange edges.  

The effect of OOP loading on the corner compressive strain is shown in Figure 5-50 by comparing 

the strains measured at Pos. A with the strains measured at Pos. C for the west flange and by 

comparing the strains measured at Pos. D with the strains measured at Pos. F for the east flange. 

Depending on the IP hinge rotation demands, the OOP loading increased the corner compressive 

strain demands from around 5% to 15%.  

Figure 5-52 and Figure 5-53 show the axial strain profiles along the length of the wall by using 

either the Group 1 or Group 2 LVDTs (Figure 5-21). Similar to CW-2, for the Layer 1 LVDTs, 

since the tensile strains were very small in the splice region, a linear distribution of the strains was 

not observed. Unlike Layer 1, higher tensile strains were measured at Layer 2, which resulted in a 

more linear distribution. By assuming a neutral axis depth of 13 in. at the maximum IP hinge 

rotation demands, the compressive strains at the concrete surface can be estimated to be 0.91of the 

compressive strains measured at the west flange Layer 1 corner LVDTs, and 0.81 of the west flange 

edge LVDTs, i.e., the corner LVDT was 1.25 in. away from the concrete surface 
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(13/(13+1.25)=0.91) and the flange edge LVDT was 3 in. away from the concrete surface 

(13/(13+3)=0.81). Therefore, the maximum concrete compressive strains during in-plane loading 

at the west flange-web corner and west flange edge can be estimated as -0.0032 and -0.0028, 

respectively.  

Similarly, the LVDT attached east flange-web corner at Layer 1 was 2.25 in. away from the 

concrete surface and the one attached to the east flange edge was 4 in. away from the concrete 

surface; therefore, east flange concrete strains can be estimated as 0.85 (13/(13+2.25)=0.85) and 

0.76 (13/(13+4)=0.76) of the Layer 1 LVDT strains. This resulted in compressive strains of -0.0036 

and -0.0031 for Layer 1 at the east flange-web corner and east flange edge, respectively.  

Although both the axial load and the IP rotation demands were the same for CW-2 and CW-3 

during in-plane loading, i.e., 0.1Agf ’c axial load and the IP hinge rotation demands given in Table 

5-1, the compressive strain demands measured at the flange edges during the maximum IP rotation 

demands were significantly higher for CW-2 (-0.0068 at the west flange Layer 1 LVDT) than CW-

3 (-0.0034 at the west flange Layer 1 LVDT). This difference occurred because more significant 

damage occurred at the flange edges during the OOP loading for CW-2, and the damage (i.e., cover 

spalling and core crushing) caused the compressive strains to increase significantly. This behavior 

can be seen by comparing Figure 5-44 with Figure 5-49; for CW-3 the slope of the IP rotation 

versus the compressive strain curve is more linear, whereas for CW-2 west flange edge Layer 1 

LVDTs, after around -0.008 IP hinge rotation, a significant change in the slope was observed. This 

change occurred after concrete crushing initiated at the west flange edge. 
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Figure 5-47: Axial strain profiles along the height of the edge of the East flange at different 

loading positions during the ramp-up loading of WLP, CW-3 
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Figure 5-48: Axial strain profiles along the height of the edge of the West flange at different 

loading positions during the ramp-up loading of WLP, CW-3 
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Figure 5-49: Comparison of compressive strains at different loading positions during the 

ramp-up loading of WLP for the first- and second-layer flange edge LVDTs, CW-3 

 

 

Figure 5-50: Comparison of compressive strains at different loading positions during the 

ramp-up loading of WLP for the first- and second-layer corner LVDTs, CW-3 
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Figure 5-51: Comparison of compressive strains at the flange edges and corners during the 

ramp-up loading of WLP for the first- and second-layer LVDTs, CW-3 

 

 

Figure 5-52: Axial strain profiles obtained from Layer 1 LVDTs (Group 2), CW-3 

 

 

Figure 5-53: Axial strain profiles obtained from Layer 2 LVDTs (Group 2 at Pos. D and 

Group 1 at Pos. A), CW-3 
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CW-4 

Figures Figure 5-54 and Figure 5-55 show the axial strain profiles computed at the east and west 

flange edges of CW-4, respectively, during the ramp-up loading of the WLP. At the maximum in-

plane hinge rotation demands, the highest tensile strains were around 0.025 and 0.019  at the Layer 

4 east flange and Layer 3 west flange edge LVDTs, respectively. Applying OOP moment demands 

increased the tensile strains to 0.027 and 0.023, respectively, for the east and west flanges. For 

CW-4, the tensile strain demands at the splice region LVDTs (Layers 1 and 2) were very small 

(around 0.001 to 0.002).  

The maximum compressive strain demands during the ramp-up loading at Pos. A and at Pos. D 

were -0.0036 and -00031 for the Layer 1 west and east flange edge LVDTs, respectively. Applying 

the OOP bending moments after decreasing the axial load to 0.075Agf ’c resulted in compressive 

strains of -0.0057 and -0.0045 for the west flange (at Pos. B) and the east flange (at Pos. E). The 

higher compressive strain demands measured at the west flange edge Layer 1 LVDT were 

consistent with the greater level of damage observed at the base of the west flange edge compared 

to the east flange edge (Figure 5-13).  During ramp-down loading, the compressive strain demands 

remained at approximately -0.003 to -0.0025 at Pos. D for the east flange (Figure H-5), whereas 

for the west flange edge, the values decreased to -0.001 gradually (Figure H-6) at the 1.2ϴy hinge 

rotation load step. The higher compressive strain demands measured at the east flange edge LVDTs 

during the ramp-down loading compared to the west flange edge LVDTs were consistent with the 

greater level of damage observed at the east flange edge during the ramp-down loading (Figure 

5-15). 

Figure 5-56 shows the effect of OOP loading on the compressive strains measured both at the 

flange edges and flange-web corners using the Layers 1, 2, and 3 LVDTs. For all three layers, an 
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increase in compressive strains ranging by factors of 1.5 to 2.0 was observed at the flange edge 

(the same behavior was observed for CW-2 and CW-3). However, for the flange-web corner 

LVDTs, OOP loading did not result in much higher compressive strains; for Layer 1 and Layer 2 

LVDTs, the strain values were almost the same for both of the flanges, whereas for Layer 3, 

approximately 15% increase in compressive strains was observed.  

The flange edge and flange-web corner compressive strains were compared in Figure 5-57 during 

in-plane-only ramp-up loading (Pos. A and D). The compressive strains were higher at the flange-

web corners for all three layers; with values of -0.0046 and -0.0051 for the west and east flange-

web corners (Layer 1), respectively. The higher compressive strains measured at the flange-web 

corners during the ramp-up loading were consistent with the observation that damage occurred 

earlier in the WLP at the flange-web corners than at the flange edges. At Layer 2 flange-web corner 

LVDTs, compressive strains of -0.0043 and -0.0036 were observed at the west and east flange 

corners, respectively. The higher compressive strain demands measured at the west flange Layer 2 

LVDTs relative to the east flange Layer 2 LVDTs were consistent with the greater extent  of 

concrete spalling at the west flange corner (up to 22 in. above the footing) relative to the east flange 

corner (up to 7 in. above the footing, Figure 5-14).  

Figure 5-57d shows a comparison of the tensile strains at Layer 3 flange edge and flange-web 

corner LVDTs; for the west flange, the tensile strains were similar. However, for the east flange, 

the tensile strains at the flange-web corners were more than twice the values determined from 

flange edge LVDT. 

Figures Figure 5-58Figure 5-59, and Figure 5-60 show axial strain profiles along the length of the 

wall determined using the Group 2 LVDTs (Figure 5-21). Similar to CW-2 and CW-3, instead of 

using the strain distributions given in these figures, a neutral axis depth of 13 in. was assumed to 
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estimate the concrete strains at the flange edges and flange-web corners. The corner LVDTs were 

approximately 1.25 in. and 1.0 in. away from the concrete surface for the west and the east flange 

Layer 1 corner LVDTs, respectively. Therefore, the concrete strain can be estimated as 0.91 and 

0.93 of the values for the Layer 1 west and east flange-web corner LVDT strains, which resulted 

in strain value of -0.0042 and -0.0047, respectively.  

The flange edge LVDTs were approximately 3.5 in. and 2.75 in. away from the concrete surface 

for the west and the east flange edges, respectively. Therefore, the concrete strain can be estimated 

as 0.79 and 0.83 of the Layer 1 west and east flange edge LVDT strains, which resulted in strain 

values of -0.0028 and -0.0026, respectively.  

These values given above were comparable to the ones estimated for CW-3 (-0.0028 and -0.0031, 

respectively). Therefore, it can be concluded that for the walls that did not sustain significant 

damage during the WLP (i.e., CW-3 and CW-4), the maximum compressive strains measured at 

the base of the flange edges were around -0.003 during the in-plane loading (P = 0.1Agf ’c). The 

approach used to estimate the compressive strains at the concrete surfaces under in-plane-only 

loading was also used for biaxial loading. The actual biaxial neutral axis depth that occurred during 

the experiments was not calculated, the values used are shown on Figure 2-9 and Figure 2-10, i.e., 

cb=15.1 in. for CW-3 and cb=18.9 in. for CW-4. These values were calculated using the commercial 

software CSICol under monotonic biaxial loading, and it should be noted here that the actual values 

would be different during the experiments because of the cyclic loading and some damage that 

occurred at the flange edges. Nevertheless, when the cb values of 15.1 in. and 18.9 in. were used, 

the concrete strains were estimated to be around 0.80 of the LVDT strains, which resulted in 

maximum compressive strains of -0.0043 for CW-3 (P = 0.05Agf ’c at Pos. E) and -0.0047 for CW-

4 (P = 0.075Agf ’c at Pos. B). 
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Figure 5-54: Axial strain profiles along the height of the edge of the East flange at different 

loading positions during the ramp-up loading of WLP, CW-4 
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Figure 5-55: Axial strain profiles along the height of the edge of the West flange at different 

loading positions during the ramp-up loading of WLP, CW-4 
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Figure 5-56: Comparison of compressive strains at different loading positions during the 

ramp-up loading of WLP, CW-4 
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Figure 5-57: Comparison of strains at the flange edges and flange-web corners during the 

ramp-up loading of WLP, CW-4 

 

 

Figure 5-58: Axial strain profiles obtained from Layer 1 LVDTs (Group 2), CW-4 
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Figure 5-59: Axial strain profiles obtained from Layer 2 LVDTs (Group 2), CW-4 

 

 

Figure 5-60: Axial strain profiles obtained from Layer 3 LVDTs (Group 2), CW-4 
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Summary of Local Responses 

Table 5-4: Calculated peak surface tensile and compressive strain demands 

Specimen LVDT Location Tensile Strain Compressive Strain 

CW-1 Flange Edge 0.005 -0.0008 

CW-2  Flange Edge 0.018 
-0.0044 

-0.01a (RD) 

CW-3 
Flange Edge 0.016 -0.0029 

Flange-Web Corner -b -0.0034 

CW-4 
Flange Edge 0.021 -0.0027 

Flange-Web Corner 0.018 -0.0040 

Note: The values shown are calculated surface strains at 3θy in-plane hinge rotation demands (unless otherwise noted) 

before the application of OOP moment demands and the average values of the east and west flanges.  
aMaximum value measured during ramp-down loading 
bNo LVDT was used above the spliced region  

 

5.4 Lateral Stiffness 

The effective flexural stiffness values (EIeff) of the specimens were calculated using Equations (3.5 

and (3.6 based on the free-body diagram shown in Figure 3-25 using the average rotations 

measured over the plastic hinge length (Lp=lw/2). Similar to CW-1, two sets of calculations were 

done: 1) including the rotations due to the slip/extension deformations that occurred at the wall-

footing interface, and 2) neglecting the slip/extension rotation, which was calculated using the 

LVDTs attached at the interface, at the four corners of the specimens.  

Figure 5-61 shows the EIeff values normalized with the EcIg, where Ec was calculated using the 

ACI 318-19 provisions (Equation (2.8) for CW-2, CW-3, and CW-4. When the rotations due to 

slip/extension deformations were included in the calculations, the effective flexural stiffness values 

at cracking were 0.59EcIg and 0.68EcIg for CW-2, 0.47EcIg and 0.60EcIg for CW-3, and 0.80EcIg 

and 0.72EcIg for CW-4 for positive and negative IP loading, respectively.  Stiffness values, 

calculated at first yield of the outer layer flange longitudinal reinforcement (≈0.7Mpr,IN), were 
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determined to be 0.24EcIg and 0.24EcIg for CW-2, 0.31EcIg and 0.31EcIg for CW-3, and 0.29EcIg 

and 0.32EcIg for CW-4 in the positive and negative IP loading, respectively.  

The normalized effective flexural stiffness values of the walls calculated, including the 

slip/extension deformations, were also plotted together in Figure 5-61. When the slip/extension 

deformations were excluded from the calculations, EIeff values at the first yield increased to 

0.41EcIg and 0.33EcIg for CW-2, 0.44EcIg and 0.43EcIg for CW-3, and 0.49EcIg and 0.57EcIg for 

CW-4 in the positive and negative IP loading, respectively. 

 

 

Figure 5-61: Normalized effective flexural stiffnesses (EIeff/EcIg) 

 

The effective stiffness values were also calculated using an assumed plastic hinge length of 

Lp=lw/2+Ls (see Section 5.6). The results summarized in Table 5-5 for uncracked (EIuncr) and 

effective (EIeff) flexural stiffness values. For the calculation of EI values in Table 5-5, two 
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approaches were used: 1) including the splice region, Lp = lw/2 + Ls (to represent the average 

stiffness values of walls with lap splices within the hinge region), 2) not including the splice region, 

i.e., based on Lp = lw/2 above the splice region (to represent the stiffness values of a wall without 

lap splices within the hinge region). In addition, for each case, two approaches were used to 

calculate θLP,IP: a) including the rotations due to the slip/extension deformations that occurred at 

the wall-footing interfaces, and b) excluding the slip/extension rotations, which were calculated 

using the LVDTs attached at the wall-foundation interface (at the four corners of the specimens).  

The results presented in Table 5-5 indicate that, for linear analysis of walls with lap splices where 

slip/extension deformations are not modeled explicitly, EIeff = 0.3EcIg is recommended if the splice 

region is not modeled explicitly. On the other hand, if the lap splice region is modeled explicitly 

and slip/extension deformations are not modeled explicitly, EIeff = 0.8EcIg and 0.2EcIg are 

recommended for the lap splice region and for the regions above the splice, respectively. 

Alternative values are provided in Table 5-5 if the deformations due to slip/extension are modeled 

explicitly.  

For walls with axial load demands different than 0.1Agf ’c, an evaluation of the test results indicates 

that moment-curvature analysis could be used to determine estimates of the flexural stiffness, with 

or without lap splices and either explicit modeling of slip/extension deformations or reducing EI 

to account for slip/extension deformations. 
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Table 5-5: Uncracked and cracked effective flexural stiffness values 

Condition ρl  

w/ lap splices w/o lap splices 

EIuncr EIeff EIuncr EIeff 

w/ slip/extension 

deformations 

0.75% 

0.80EcIg 

0.4EcIg 

0.6EcIg 

0.35EcIg  

1.5% 0.30EcIg  0.20EcIg 

w/o slip/extension 

deformations 

0.75% 

1.0EcIg 

0.70EcIg 

1.0EcIg 

0.65EcIg 

1.5% 0.40EcIg 0.30EcIg 

 

5.5 Vertical Growth 

Vertical growth at the top of the walls was calculated using the column of LVDTs attached to the 

east and west flange edges of the specimens (Figure 2-25) are shown in Figures Figure 5-62, Figure 

5-63, and Figure 5-64 for CW-2, CW-3, and CW-4, respectively. The maximum vertical growth 

was measured to be around 0.5 in. and 0.62 in. for both CW-2 and CW-3 for IP and IP + OOP 

loading, respectively, at the maximum hinge rotation demands (±0.9%). For CW-4, the vertical 

growth was higher than CW-2 and CW-3, which was consistent with the observation that higher 

drift ratios were reached for CW-4 under the same hinge rotation demands (Table 5-3). At 

maximum in-plane hinge rotation demands, the maximum vertical growth for CW-4 was around 

0.6 in., and it increased to 0.72 in. and 0.79 in. for positive and negative IP loading, respectively, 

after applying the negative OOP moment demands.   



 

202 

 

 
Figure 5-62: IP hinge rotation-vertical growth response of CW-2 during the WLP  

 

 
Figure 5-63: IP hinge rotation-vertical growth response of CW-3 during the WLP  
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Figure 5-64: IP hinge rotation-vertical growth response of CW-4 during the WLP 

5.6 Impact of Lap Splices 

Lower curvature values (Section 5.3.2) were calculated within the  splice regions (Ls=20 in.) 

because lower tensile strains were recorded in these regions (see Layers 1 and 2, Section 5.3.5). 

The spliced longitudinal reinforcement strengthened/stiffened the splice region such that inelastic 

curvatures were concentrated above the splice region. Therefore, the assumed plastic hinge length 

was extended by the length of the splices, i.e., Lp = lw/2 + Ls = 37.5 in. + 20 in. = 57.5 in. The 

rotations over the modified hinge length were calculated by using the LVDTs attached to Layer 4 

(37.5-57.5 in.) at the edges of the flanges along with the control sensors used for the hinge rotation 

calculations.  

The calculated values are given in Table 5-6 for all three walls at different load steps for the ramp-

up and ramp-down loading of the WLP. The base moment-hinge rotation responses are plotted in 

Figures Figure 5-65, Figure 5-66, and Figure 5-67 for CW-2, CW-3, and CW-4, respectively, and 

compared with the base moment-hinge rotation responses calculated with Lp = lw/2. The rotation 

ductility values shown in these figures were calculated based on the calculated effective yield hinge 
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rotation values of 0.34% for CW-2 and 0.28% for CW-3 and CW-4 (the details are given in 

Appendix F).  

The analytical predictions were also plotted in these figures, and they matched the experimental 

results well. For the analytical predictions, the splices were not considered; therefore, the longer 

hinge region resulted in higher rotation values than the experimental ones. However, since the 

slip/extension deformations increased the hinge rotation in the experiment, the analytical 

predictions and the experimental results matched well.  

 The extended hinge region increased the maximum rotation demands to +1.26% from +0.90% 

(40% increase) for CW-2 and CW-3 and to +1.35% (50% increase) for CW-4 in the positive 

direction. The maximum hinge rotation demands in the negative direction increased to -1.31% 

(45% increase), -1.10% (22% increase), and -1.38% (53% increase) for CW-2, CW-3, and CW-4, 

respectively.  

The comparison of the extended hinge rotation responses of the walls during the ramp-up loading 

of the WLP (Figure 5-68) shows that the responses were very similar in the positive direction. 

However, some variations were observed in the negative direction (the west flange was under 

compression), i.e., CW-4 had the highest, and CW-3 had the lowest hinge rotations at the maximum 

demands, possibly due to the greater level of damage that was observed above the wall-foundation 

interface at the west flange edge for CW-4 and the lack of observed damage at the west flange 

edge for CW-3.   

The rotation ductility values (μϴ) calculated using the extended hinge region were similar to the 

displacement ductility values (μΔ, Figure 5-28) calculated at the top of the wall. At the maximum 

rotation or displacement demands, μϴ values of 3.7, 4.5, and 4.8 were computed for positive in-

plane loading, and values of 3.8, 3.9, and 4.9 were computed for negative in-plane loading 
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direction. Whereas μΔ values of 4.0, 4.1, and 4.8 were computed for positive in-plane loading, and 

4.4, 3.8, and 5.2 were computed for negative in-plane loading for CW-2, CW-3, and CW-4, 

respectively. These values were summarized in Table 5-7. 

Table 5-6: In-plane hinge rotation demands calculated with Lp=lw/2+Ls 

Load Step 

Hinge 

rotation, 

Lp=lw/2  

ϴLp,IP (%) 

Hinge rotation, Lp=lw/2+Ls (%) 

CW-2-3-4 CW-2 CW-3 CW-4 

Pos. Dir 

(Pos. D) 

0.4Mpr +0.05 +0.09 +0.05 +0.05 

0.7Mpr +0.16 +0.30 +0.19 +0.23 

1.2ϴy +0.36 +0.52 +0.47 +0.47 

1.5ϴy +0.45 +0.60 +0.58 +0.60 

2.0ϴy +0.60 +0.84 +0.80 +0.85 

2.5ϴy +0.75 +1.05 +1.05 +1.10 

3.0ϴy +0.90 +1.26 +1.26 +1.35 

Neg. Dir 

(Pos. A) 

0.4Mpr -0.06 -0.09 -0.06 -0.07 

0.7Mpr -0.16 -0.30 -0.19 -0.26 

1.2ϴy -0.36 -0.54 -0.45 -0.56 

1.5ϴy -0.45 -0.65 -0.53 -0.69 

2.0ϴy -0.60 -0.85 -0.68 -0.88 

2.5ϴy -0.75 -1.07 -0.89 -1.15 

3.0ϴy -0.90 -1.31 -1.10 -1.38 
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Figure 5-65: IP Base moment-hinge rotation (Lp=lw/2+Ls) response of CW-2 during the 

WLP 

 
Figure 5-66: IP Base moment-hinge rotation (Lp=lw/2+Ls) response of CW-3 during the 

WLP 

 
Figure 5-67: IP Base moment-hinge rotation (Lp=lw/2+Ls) response of CW-4 during the 

WLP 
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Figure 5-68: Comparison of IP base moment-hinge rotation (Lp=lw/2+Ls) responses during 

the ramp-up loading of WLP 

 

Table 5-7: Comparison of rotation and displacement ductility at the maximum demands of 

WLP  

Wall Load Step 
Rotation ductility 

(Lp=lw/2) 

Rotation ductility 

(Lp=lw/2+Ls) 

Displacement ductility 

(at the top of the wall) 

CW-2 
+3.0ϴy 3.6 3.7 4.0 

-3.0ϴy 3.6 3.8 4.4 

CW-3 
+3.0ϴy 3.6 4.5 4.1 

-3.0ϴy 3.6 3.9 3.8 

CW-4 
+3.0ϴy 3.6 4.8 4.8 

-3.0ϴy 3.6 4.9 5.2 
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5.7 Strain-Based Acceptance Criteria for PBWD 

The initiation of cover spalling and minor concrete core crushing was observed at concrete 

compressive strains (εc) of 0.0035 to 0.004, which were reached at 2.0θy in-plane rotation demands 

(during the biaxial loading) for CW-2 and at 3.0θy in-plane rotation demands (under biaxial 

loading, peak demand of the WLP) for the Phase-II walls (due to the reduced axial stresses). Lateral 

strength loss was observed for CW-2 when the concrete compressive strains at the base of the 

flange edges reached values of approximately 0.005 to 0.006, which was observed during biaxial 

loading at 3.0θy in-plane rotation demands. For the Phase-II walls, since the maximum concrete 

surface compressive strains reached only 0.0045, no strength loss was observed. 

Based on the results of this study, different peak compressive concrete strains are recommended 

for different ASCE Prestandard performance objectives. For the Operational performance 

objective, the strain limit was selected to prevent damage (except concrete cracking), i.e., cover 

spalling, concrete crushing, and bar buckling. Therefore, a value of εc = 0.00375/1.5 = 0.0025 is 

recommended. The average experimental value (0.00375) is divided by 1.5 to account for the 

uncertainties in computing the compressive strains using non-linear models (Kolozvari et al., 2021; 

Orakcal and Wallace, 2006). 

Based on the experimental results for the ρl = 1.5% specimens, flange edge compressive strains 

reached 0.0025 at around 1.0θy in-plane rotation demands with OOP demands (biaxial loading). A 

value of 0.0025 is similar to the strain values at the peak concrete compressive strength calculated 

using unconfined concrete constitutive models (e.g., Kent and Park, 1971; Chang and Mander, 

1994), i.e., prior to strain softening, suggesting that the strain at peak unconfined stress could also 

be used for this performance objective. On the other hand, for the Continuous Occupancy 
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performance objective, a higher value, εc = 0.0055/1.5 ≈ 0.0037, is recommended to prevent 

strength loss. 

In addition to the peak compressive strain limits recommended above, lower compressive strain 

limits are recommended in Table 5-8, depending on the number of cycles at or below the given 

strain limits. The values given in Table 5-8 are based on concrete surface strains estimated for CW-

4 (under biaxial loading) since the WLP was completed without any strength loss (IP or OOP) and 

the strain demands were higher compared to values for CW-3. 

The number of cycles was determined as the total number of cycles (including ramp-up and ramp-

down) where the calculated compressive strain demands (at the base of the flange edges) were 

equal to or exceeded the values (εc) given in Table 5-8. The recommended number of cycles at the 

specified strain limits in Table 5-8 are very conservative for lower strain limits (lower-bound 

values) because significantly higher strain demands were applied to the specimens than the values 

given in Table 5-8. For example, the limit of 26 cycles at a compressive strain (εc) of 0.0025 is 

based on 10 cycles at 0.0025, 6 cycles at 0.003, 4 cycles at 0.0035, 4 cycles at 0.004, and 2 cycles 

at 0.0045; therefore, the actual number of cycles that could be applied prior to strength loss might 

be several (or many) times the values given in Table 5-8. The level of conservatism reduces as the 

magnitude of the strain increases in Table 5-8. Given the conservatism, these recommended values 

are intended to provide guidance versus being hard limits. Results of analytical studies using 

calibrated non-linear models might enable the development of more comprehensive and less 

conservative acceptance criteria and also consider a wider range of wall geometries, longitudinal 

reinforcement ratios, and axial load ratios. 
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Table 5-8: Strain-Based Acceptance Criteria 

Surface 

Compressive 

Strains (εc) 

Strain Limit 

(εc/1.5) 
# of Cycles Damage State 

0.0055a 0.0037 1 
Strength loss 

prevention 

0.0045 0.0030 2 - 

0.004 0.0027 6 - 

0.00375 0.0025 1 Damage prevention 

0.0035 0.0023 10 - 

0.003 0.0020 16 - 

0.0025 0.0017 26 - 

aThis value was calculated using CW-2 LVDTs.  

5.8 Dissipated Energy 

5.8.1 Total Dissipated Energy 

The total cumulative dissipated energy, calculated using the total area under the Base Shear-Wall 

Drift Ratio (at the top of the wall) responses, are also calculated for the ρl=1.5% walls for the WLP 

cycles, and are shown in Figure 5-69. In general, CW-4 had the highest dissipated energy. This 

behavior is consistent with the Base Shear-Drift Ratio responses for all tests (Figure 5-28), where 

CW-4 had the highest applied drift ratio demands during the WLP. It should be noted here again 

that during the WLP, the plastic hinge rotations demands were controlled, not top drift ratios.  

For all three walls, the elastic ramp-up and ramp-down cycles resulted in very small (compared to 

the inelastic cycles) energy dissipation and the inelastic cycles accounted for more than 95% for 

the total cumulative dissipated energy. 
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Figure 5-69: Total cumulative dissipated energy during WLP  

5.8.2 Dissipated Energy due to Different Deformations 

As mentioned in Sections 3.3.3, the total in-plane lateral displacement (𝛿𝑡𝑜𝑡) of the wall can be 

expressed as the sum of the flexural and shear deformations over the wall height (3.3). Flexural 

deformations include the curvature/rotation of the wall (𝛿𝑓,𝑤𝑎𝑙𝑙) and the deformations due to the 

slip/extension at the wall-footing interface (𝛿𝑠𝑙𝑖𝑝). Shear deformations include the pure translation 

(shear distortion) along the height of the wall (𝛿𝑠,𝑤𝑎𝑙𝑙). The wall shear deformations (𝛿𝑠,𝑤𝑎𝑙𝑙) were 

calculated using two different approaches. For the first approach, any deformation not associated 

with flexure, slip/extension, or shear sliding was attributed to shear distortion (Equation (G.18); 

Appendix G includes detailed information). For the second approach, the diagonal LVDTs attached 

to the inner surface of the web (Figure 2-24) were used directly (values given by Equation (G.19). 

The cumulative dissipated energy was also calculated using the load versus flexure/shear/slip 

deformation responses (see Figure 5-31, Figure 5-32, and Figure 5-33) for the ρl=1.5% walls for 
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the WLP cycles.  Figure 5-70, Figure 5-71, and Figure 5-72 show the cumulative dissipated energy 

for walls CW-2, and CW-3, and CW-4, respectively, for total deformations and for components of 

the total deformations. For shear deformations, responses calculated using Equation (G.18) and 

Equation (G.19) are presented.  

On average, flexural deformations contributed approximately 40% of the total cumulative 

dissipated energy. For shear deformations determined using the diagonal LVDTs (Equation (G.19), 

dissipated energy due to shear deformations was approximately 30% of the total value. The 

dissipated energy due to slip/extension deformations were around 25% and 17% of the total energy 

for walls CW-2 and CW-3/CW-4, respectively. The dissipated energy values due to different 

deformation components are also provided in Table 5-9, Table 5-10, and Table 5-11 for CW-2, 

CW-3, and CW-4, respectively. 

It should be noted here again that the test walls represented approximately the bottom 2 stories of 

a 12-story cantilever core wall. For a cantilever wall, the flexural drift ratios due to plastic hinge 

rotations are approximately constant over the wall height, whereas shear deformations (pure 

translation) tend to decrease over the wall height. Therefore, the contribution of shear deformations 

to the drift ratios (and therefore to dissipated energy) at the top of a 12-story cantilever wall is 

expected to be smaller than the values calculated for test walls.  
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Figure 5-70: Cumulative dissipated energy due to different components of lateral 

displacement during WLP (CW-2) 



 

214 

 

 
Figure 5-71: Cumulative dissipated energy due to different components of lateral 

displacement during WLP (CW-3) 



 

215 

 

 
Figure 5-72: Cumulative dissipated energy due to different components of lateral 

displacement during WLP (CW-4) 
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Table 5-9: Dissipated Energy for CW-2 during WLP 

 Cumulative Dissipated Energy (k-ft) Ratio to the Total Energy 

Load 

Step 
Total Flexure 

Shear 

(G.18) 

Shear 

(G.19) 

Slip / 

Extension 
Flexure 

Shear 

(G.18) 

Shear 

(G.19) 

Slip / 

Extension 

0.4Mpr 1.3 0.5 0.6 0.1 0.3 0.41 0.46 0.09 0.23 

0.7Mpr 8.0 3.8 3.4 1.8 1.1 0.47 0.42 0.23 0.14 

1.2ϴy 21.8 10.5 8.3 5.4 3.3 0.48 0.38 0.25 0.15 

1.5ϴy 40.6 18.5 15.9 11.8 7.8 0.46 0.39 0.29 0.19 

2.0ϴy 66.1 29.7 26.1 20.7 13.5 0.45 0.39 0.31 0.20 

2.5ϴy 98.3 43.8 38.9 32.3 20.7 0.45 0.40 0.33 0.21 

3.0ϴy 138.2 60.6 55.9 46.9 33.3 0.44 0.40 0.34 0.24 

2.5ϴy 170.3 73.2 69.6 59.1 41.7 0.43 0.41 0.35 0.25 

2.0ϴy 193.7 82.2 81.6 68.4 47.4 0.42 0.42 0.35 0.24 

1.5ϴy 208.4 88.2 91.0 74.6 51.4 0.42 0.44 0.36 0.25 

1.2ϴy 219.1 92.5 98.3 79.1 54.4 0.42 0.45 0.36 0.25 

0.7Mpr 222.5 93.9 99.3 79.9 55.4 0.42 0.45 0.36 0.25 

0.4Mpr 227.1 95.7 100.9 81.0 56.3 0.42 0.44 0.36 0.25 

 

Table 5-10: Dissipated Energy for CW-3 during WLP 

 Cumulative Dissipated Energy (k-ft) Ratio to the Total Energy 

Load 

Step 
Total Flexure 

Shear 

(G.18) 

Shear 

(G.19) 

Slip / 

Extension 
Flexure 

Shear 

(G.18) 

Shear 

(G.19) 

Slip / 

Extension 

0.4Mpr 0.8 0.2 0.6 0.1 0.2 0.23 0.71 0.06 0.25 

0.7Mpr 5.7 2.1 3.2 0.5 0.8 0.37 0.57 0.08 0.14 

1.2ϴy 19.1 7.0 10.3 2.8 2.7 0.37 0.54 0.15 0.14 

1.5ϴy 38.1 14.0 20.3 8.1 6.1 0.37 0.53 0.21 0.16 

2.0ϴy 62.3 23.9 32.5 15.7 10.3 0.38 0.52 0.25 0.16 

2.5ϴy 92.3 36.6 45.9 25.8 15.4 0.40 0.50 0.28 0.17 

3.0ϴy 128.5 52.4 61.3 38.3 21.5 0.41 0.48 0.30 0.17 

2.5ϴy 160.1 64.7 75.4 48.7 26.6 0.40 0.47 0.30 0.17 

2.0ϴy 184.4 73.6 86.7 56.9 30.5 0.40 0.47 0.31 0.17 

1.5ϴy 201.3 79.3 95.3 62.7 33.3 0.39 0.47 0.31 0.17 

1.2ϴy 213.4 83.3 102.0 67.2 35.5 0.39 0.48 0.31 0.17 

0.7Mpr 215.5 83.9 103.1 67.6 35.8 0.39 0.48 0.31 0.17 

0.4Mpr 219.7 85.3 105.2 68.6 36.5 0.39 0.48 0.31 0.17 
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Table 5-11: Dissipated Energy for CW-4 during WLP 

 Cumulative Dissipated Energy (k-ft) Ratio to the Total Energy 

Load 

Step 
Total Flexure 

Shear 

(G.18) 

Shear 

(G.19) 

Slip / 

Extension 
Flexure 

Shear 

(G.18) 

Shear 

(G.19) 

Slip / 

Extension 

0.4Mpr 1.5 0.3 0.9 0.1 0.3 0.22 0.59 0.06 0.18 

0.7Mpr 9.1 2.8 4.4 1.2 1.2 0.30 0.48 0.13 0.13 

1.2ϴy 27.7 9.0 12.2 4.9 4.0 0.33 0.44 0.18 0.14 

1.5ϴy 52.2 16.6 23.9 11.2 8.0 0.32 0.46 0.21 0.15 

2.0ϴy 83.9 27.4 37.9 19.9 13.3 0.33 0.45 0.24 0.16 

2.5ϴy 124.4 41.0 55.8 31.4 20.0 0.33 0.45 0.25 0.16 

3.0ϴy 173.7 58.3 77.4 45.9 28.7 0.34 0.45 0.26 0.17 

2.5ϴy 212.8 71.3 94.1 58.0 35.5 0.33 0.44 0.27 0.17 

2.0ϴy 243.3 80.8 107.8 67.7 41.0 0.33 0.44 0.28 0.17 

1.5ϴy 265.4 87.1 118.6 75.1 45.0 0.33 0.45 0.28 0.17 

1.2ϴy 282.1 91.6 127.0 81.1 48.1 0.32 0.45 0.29 0.17 

0.7Mpr 285.2 92.5 128.3 81.8 48.8 0.32 0.45 0.29 0.17 

0.4Mpr 289.6 93.7 130.1 82.7 49.6 0.32 0.45 0.29 0.17 

 

5.9 Summary of Wind Test Results 

The tests conducted on the specimens with the higher longitudinal reinforcement ratio (ρl=1.5%) 

highlighted the importance of the level of axial load applied during biaxial loading and the amount 

of confinement provided at the flange edges. Since the highest level of axial load was applied to 

CW-2 (0.10Agf ’c) when the flange edges were under compression and the least amount of 

confinement was provided, more significant damage (concrete crushing, longitudinal 

reinforcement buckling) was observed that produced greater strength loss in the out-of-plane 

direction (0.66 times the peak moment demand). Less damage was observed for CW-3 and CW-4 

relative to CW-2 (for similar loading history), with CW-3 displaying the least amount of damage 

(less cover spalling and no observed longitudinal rebar buckling) than was observed for CW-4 

(0.075Agf ’c) due to the lower axial load during OOP loading (0.05Agf ’c). The ramp-down loading 



 

218 

 

affected all the walls similarly and produced additional damage (i.e., concrete spalling, concrete 

crushing, and rebar buckling). 

The in-plane base moment-hinge rotation responses were very similar for all walls. No strength 

loss was observed for CW-3 and CW-4, whereas approximately 12% strength loss was observed 

for CW-2 during the inelastic ramp-down cycles. The out-of-plane base moment-hinge rotation 

responses, on the other hand, were different, especially in the +y direction (when flange edges 

were under compression). While stiffness degradation and strength loss (0.66 times the peak 

moment demand) were observed for CW-2 in the +y direction, only stiffness degradation was 

observed for CW-4. No strength loss or stiffness degradation was observed for CW-3 in the +y 

direction. When the flange-web corners were under compression (-y direction), all specimens 

showed stiffness degradation. Since the plastic hinge rotations were controlled during testing, 

different drift ratios (calculated at the top of the walls) were measured with maximum values of 

1.75%, 1.64%, and 2.10% for CW-2, CW-3, and CW-4 at the peak moment demands.  

The average effective stiffness values of CW-2, CW-3, and CW-4 at first yield were calculated as 

0.28EcIg and 0.32EcIg for Ec based on ACI 318-19 (Equation (2.8) and ACI 363R-10 provisions 

(Equation (2.9), respectively. The effective stiffness values of the test specimens were also 

calculated using the ACI 369.1-22 (2022) provisions which are based on using  a large wall 

database (Abdullah, 2019). Based on the axial load ratio applied to the specimens (0.1Agf ’c), the 

ACI 369.1-22 proposed effective stiffness value was found to be 0.29EcIg if Ec was based on ACI 

363R-10. The experimental stiffness values were higher than the proposed ACI 369.1-22 value, 

possibly because the wall database consisted of mainly rectangular walls and no C-shaped wall 

tests were included in the database or due to uncertainty in the value of Ec.  
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The highest tensile strains ranged from 0.015 to 0.025 and were measured above the splice regions,  

whereas the highest compressive strains were measured just above the wall-footing interface 

(Layer 1, 10 in.). For CW-3 and CW-4, where no concrete core crushing was observed during the 

WLP, the maximum compressive strains at the flange edges were around -0.003. However, for 

CW-2, a higher maximum compressive strain value of around -0.005 was measured during ramp-

up loading at the maximum hinge rotation demand of 0.9% due to the extensive damage that 

occurred at the flange edges. The maximum compressive strain value at the flange edge increased 

to approximately -0.012 during the ramp-down cycles. Application of OOP moments affected 

compressive strains measured at the flange edges more than the compressive strains measured at 

the flange-web corners or tensile strains. With the application of OOP moments, the maximum 

compressive strains at the flange edges increased from approximately -0.003 to values around -

0.0043 and -0.0047 for CW-3 and CW-4, respectively. The difference in values between CW-3 and 

CW-4 was due to the different levels of axial load applied during the biaxial loading (0.05 versus 

0.075Agf ’c). 
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6. Experimental Seismic Test Results and Discussion (CW-2, CW-3 and CW-4) 

6.1 General 

After the completion of the WLP, a seismic loading protocol (SLP) was applied to all of the test 

specimens. The intent of applying the SLP was to establish the deformation at strength loss for 

each test specimen and to identify failure modes. Table 6-1 and Table 6-2 summarize the applied 

in-plane base moment and hinge rotation demands for CW-2, CW-3, and CW-4, respectively.  

For CW-2, the SLP shown in Figure 2-40 was applied. The in-plane hinge rotation demand of 

±1.35% was selected for CW-2 to apply a rotation ductility of 4.5 (calculated with ϴy,IP of 0.3%).  

A more detailed analysis after the tests (Appendix F) showed that the effective yield rotation was 

0.25% (ϴy,IP,exp); therefore, CW-2 was actually pushed to ±5.4ϴy,IP,exp hinge rotation demands with 

failure observed during the first cycle.  

For CW-3, a similar SLP was used (Figure 2-40). After applying three cycles at ±1.35% IP hinge 

rotation demands (±5.4ϴy,IP,exp), the wall was pushed in the negative IP direction to -1.85% IP hinge 

rotation demands (-7.4ϴy,IP,exp) when failure was observed. For CW-4, an SLP that was similar to 

the WLP was selected, i.e., both IP and OOP loading with 0.5Mpr,OOP+y and 0.5Mpr,OOP-y applied 

(Figure 2-41).  

The CW-4 SLP included two cycles of IP hinge rotation demands at ±0.6% (±2.4ϴy,IP,exp) and 

±0.9% (±3.6ϴy,IP,exp), followed by one cycle at ±1.35% (±5.4ϴy,IP,exp) prior to observed failure. The 

difference between the WLP and the SLP applied to CW-4 was the axial load demand applied 

during the biaxial loading, i.e., for the WLP, the axial load was decreased from 0.10Agf ’c to 

0.075Agf ’c during the positive OOP load application, whereas for the SLP, the axial load was kept 

constant at 0.10Agf ’c. The higher OOP axial load was used to examine if, with improved flange 
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edge detailing, the wall could withstand the higher axial load without observed strength loss (i.e., 

essentially an extension of the WLP).   

Table 6-1: Applied base moment and hinge rotation demands for CW-2 and CW-3 during 

the SLP 

Wall 
Type of 

loading 
# of cycles 

Base 

moment, 

Mb,IP (k-ft), 

-IP dir. 

Base 

moment, 

Mb,IP (k-ft), 

+IP dir. 

Hinge 

rotation, 

ϴLp,IP (%) 

ϴLp,IP/ ϴy,exp 

CW-2 IP only 1 -3517 +3021 ±1.35% ±5.4ϴy,IP,exp 

CW-3 IP only 

3 -4221 +4556 ±1.35% ±5.4ϴy,IP,exp 

Half cycle -4413 - -1.85% -7.4ϴy,IP,exp 

 

Table 6-2: Applied IP base moment and hinge rotation demands for CW-4 during the SLP 

Wall 
Type of 

Loading 
# of cycles 

Base 

moment, 

Mb,IP (k-ft), 

-IP dir. 

Base 

moment, 

Mb,IP (k-ft), 

+IP dir. 

Hinge 

rotation, 

ϴLp,IP (%) 

ϴLp,IP/ ϴy,exp 

CW-4 Biaxial* 

2 -3477 +3545 ±0.6% ±2.4ϴy,IP,exp 

2 -3782 +4081 ±0.9% ±3.6ϴy,IP,exp 

1 -3938 +4071 ±1.35% ±5.4ϴy,IP,exp 

* Half of OOP probable moment capacities were applied (0.5Mpr,OOP+y and 0.5Mpr,OOP-y) 

   Axial load was kept constant at 0.1Agf ’c during the whole loading procedure 

6.2 Observed Damage 

6.2.1 CW-2 

Modest strength degradation (10% strength loss from peak strength) was observed for CW-2 at 

the peak rotation demand of -1.35%. It is noted that no strength loss was observed for CW-3 at -

1.35% IP hinge rotation demands; therefore, relative to CW-3, a 16% strength loss was observed 

for CW-2. The maximum positive base moment value of 3519 k-ft was observed for CW-2 in the 
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positive IP direction at +0.94% rotation during the first cycle to +1.35% IP hinge rotation demands.  

At +1.35% rotation demands, the base moment reduced to +3022 k-ft or 0.67 times the base 

moment recorded for CW-3 (+4556 k-ft) at +1.35% rotation demands. When +1.35% hinge 

rotation demand was reached, a sudden failure occurred, and the base moment dropped to +914 k-

ft (0.20 times the base moment recorded for CW-3), and the axial load decreased by 60% to 200 

kips (0.04Agf ’c). The strength loss occurred due to core concrete crushing and longitudinal 

reinforcement buckling at the base of the east flange (Figure 6-1).  

The shortening of the east flange due to the observed damage then led to a diagonal tension failure 

within the wall web, with a large diagonal crack forming between the top-west corner of the web 

to the bottom-east corner of the web through the entire wall thickness (Figure 6-2 and Figure 6-3).  

Additionally, some concrete crushing (mostly on the outer surface, Figure 6-4) was observed at 

the base of the west flange, which was consistent with the strength loss observed at -1.35% hinge 

rotation demands (when the west flange was under compression). 
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Figure 6-1: Damage state of the east flange after the completion of testing, CW-2 

 

 

Figure 6-2: Outside surface of the web after the completion of testing, CW-2 
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Figure 6-3: Inside surface of the wall after the completion of testing, CW-2 

 



 

225 

 

 

Figure 6-4: Damage state of the west flange after the completion of testing, CW-2 
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6.2.2 CW-3 

Three cycles at ±1.35% IP hinge rotation demands were applied to CW-3 successfully with only 

minor strength loss observed (at the 3rd cycle) due to buckling of longitudinal reinforcement at the 

west flange corner approximately 22 in. above the footing (right above the spliced region, Figure 

6-5). Subsequently, the specimen was loaded in the negative direction to -1.85% IP hinge rotation 

demand (west flange in compression) with no observed strength loss. However, during unloading 

from the -1.85% rotation demands, at -1.24% IP rotation demands, concrete crushing, and 

longitudinal bar buckling were observed on the inside web face adjacent to the east flange between 

40 and  52 in. above the footing (Figure 6-6); base moment demands were still negative (-565 k-

ft) when this damage was observed. As loading continued, at approximately +190 k-ft base 

moment demands (-0.7% rotation), out-of-plane instability of the east flange was observed roughly  

57 in. above the footing (Figure 6-7 and Figure 6-8) and the test was stopped. Some cover spalling 

was observed at the base of the west flange edge; however, no concrete crushing or longitudinal 

bar buckling was observed (Figure 6-9). No additional damage was observed at the base of the east 

flange edge or at the flange-web corner.  
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Figure 6-5: Buckling of the west flange corner bar above the spliced region, after three 

cycles at ±1.35% IP hinge rotation demands, CW-3 
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Figure 6-6: Bar buckling and concrete crushing at around 40 in to 52 in. above the footing 

on the inner surface of the web, after the completion of testing, CW-3 
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Figure 6-7: Damage state of the east flange after the completion of testing, CW-3 
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Figure 6-8: Damage state of the web after the completion of testing, CW-3 
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Figure 6-9: Damage state of the west flange after the completion of testing, CW-3 
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6.2.3 CW-4 

The longitudinal bar that buckled during the WLP (at the base of the west flange edge, Figure 5-13) 

ruptured during the unloading part of the first cycle to -0.6% rotation demand. Application of two 

cycles at ±0.9% IP hinge rotation demands did not result in any additional damage at the west 

flange (edge or the corner). However, longitudinal bar rupture was observed during these cycles at 

the base of the east flange edge (the inner layer of flange longitudinal rebar) with some additional 

concrete crushing at the base of the east flange corner (Figure 6-10).  

At -1.35% IP rotation demand, the base moment value of 0.94 times the value recorded for CW-3, 

some concrete crushing at the base of the west flange (Figure 6-11), and buckling of longitudinal 

reinforcement at the corner of the west flange were observed. Subsequently, at +1.35% IP rotation 

demand, the base moment was 0.88 times the base moment recorded for CW-3 at this rotation 

demand. During the application of the positive OOP bending moment to Pos. E (east flange edge 

was under compression), a maximum OOP base moment of approximately +500 k-ft 

(0.37Mpr,OOP+y) was reached. Therefore, the intended moment demands of 0.5Mpr,OOP+y could not 

be applied, and the test was stopped (to allow for possible repair and retesting). Concrete crushing 

was observed at the base of the edge flange, and either bar buckling or bar fracture occurred for 

almost all the longitudinal reinforcement of the east flange (Figure 6-12 and Figure 6-13).  
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Figure 6-10: East flange edge (left) and east flange corner (right) after the two cycles 

applied at ±0.9% IP hinge rotation demands, CW-4 

 

 
Figure 6-11: West flange edge (left) and west flange corner (right) after the completion of 

testing, CW-4 
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Figure 6-12: East flange outer surface (left) and inner surface (right) after the completion 

of testing, CW-4 
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Figure 6-13: Outer surface of the web after the completion of testing, CW-4 
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6.3 Load-Deformation Responses 

6.3.1 Base Moment-Hinge Rotation Responses 

Figure 6-14 shows the base moment-hinge rotation, calculated over a plastic hinge length of lw/2 

using the control sensors shown in Figure 2-26 and Figure 2-27, for test specimens  CW-2, CW-3, 

and CW-4 during the WLP and SLP. Figure 6-15 shows OOP base moment versus OOP hinge 

rotation relation for CW-4. The dashed line in Figure 6-15 represents the behavior during loading 

where east flange concrete crushing at the near-constant base moment was observed. The failure 

points in Figure 6-14 represent the point where either a sudden strength loss (CW-2, the base 

moment decreased to 0.25 times the maximum value recorded), the out-of-plane instability of the 

east flange (CW-3), or 34% strength loss in the OOP direction (CW-4) was observed.   

 

 

Figure 6-14: IP Base moment-hinge rotation responses of CW-2, CW-3, and CW-4 
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Figure 6-15: OOP Base moment-hinge rotation response of CW-4 

6.3.2 Moment-Curvature Responses 

The moment-curvature responses of CW-2, calculated at different layers (Figure G-1) using Group 

2 LVDTs (Figure 5-21), are shown in Figure 6-16 during both the WLP and SLP. For Layers 3, 4, 

and 5, the curvature demands at ±1.35% IP hinge rotation demands were almost one-half of those 

observed during the maximum hinge rotation demands of WLP (±0.9%). For Layer 2, the curvature 

demands for the SLP were the same as the maximum values calculated during the WLP. However, 

curvature values increased for Layer 1, at positive IP rotation demands, when a curvature ductility 

of almost 6 was achieved.  

Figure 6-17 and Figure 6-18 present moment-curvature responses for CW-3 with curvature values 

calculated using both the Group 1 and 2 LVDTs for Layers 1 and 2 and Group 1 LVDTs for Layers 

3, 4, and 5. were used. The highest curvature demands were calculated for Layer 1 (2-10 in.) in the 
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negative direction (east flange was under tension), with curvature ductility of 4 and 5 calculated 

using the Group 1 and 2 LVDTs, respectively. Although the tensile strains were lower for Layer 1 

during the WLP, after some damage that occurred at the base of the east flange, especially after the 

±1.35% hinge rotation demands, the bottom half of the splice region experienced high tensile and 

compressive strain demands. Since the damage was mainly concentrated at the base of the flange 

edges, the curvatures calculated at Layer 2 (10-20 in.) using the Group 1 LVDTs were low. The 

highest curvatures were calculated at Layer 3 (20-37 in., above the splice region). At the last cycle 

before failure (at -1.85% rotation demands), a maximum curvature ductility of 9.5 was observed 

at this layer.  

FiguresFigure 6-19 and Figure 6-20 show the moment-curvature responses of CW-4. Similar to 

CW-2, since the damage was mainly concentrated at the base of the flanges, lower curvature 

demands were observed for Layers 3, 4, and 5 during the SLP than for the WLP. At the maximum 

rotation demands of ±1.35%, the curvature demands at Layers 1 and 2 were higher, with curvature 

ductility of approximately 2.0 and 1.5, respectively. In general, the analytical prediction of the 

monotonic moment-curvature responses (Appendix F) matched the experimental results well. 
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Figure 6-16: Moment-curvature responses of CW-2 
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Figure 6-17: Moment-curvature responses at Layers 1 and 2 of CW-3 
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Figure 6-18: Moment-curvature responses at Lp and Layers 3, 4, and 5 of CW-3  
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Figure 6-19: Moment-curvature responses at Layers 1, 2, and 3 of CW-4 
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Figure 6-20: Moment-curvature responses at Lp, and Layers 4 and 5 of CW-4  
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6.3.3 Base Shear-Lateral Displacement Responses 

Figure 6-21 shows the base shear-drift ratio responses for CW-2, CW-3, and CW-4 calculated 

during the WLP and the SLP. The drift ratios represent the average (lateral) drift ratio calculated 

using the two LVDTs attached to the northeast and northwest corners of the top block. The values 

recorded from the two LVDTs were very similar for all the walls; therefore, only the average drift 

ratio obtained from the two LVDTs is provided. For CW-2, the maximum drift ratio observed in 

the negative direction was the same as that observed during the WLP. On the other hand, smaller 

drift ratios were achieved in the positive direction, i.e., 1.45% for the SLP and 1.6% for the WLP. 

Although higher hinge rotations were applied during the SLP compared to the WLP, the same or 

lower drift ratios were achieved because lower curvature demands occurred at Layers 2 through 5 

LVDTs (10-88 in., Figure 6-16). 

For CW-3, drift ratios of 2.44% and -2.66% were measured at the first cycle of +1.35% and -1.35% 

IP hinge rotation demands, respectively. At -1.85% rotation demand, a drift ratio of -3.30% was 

observed. The drift ratios did not decrease during unloading (from the last cycle) because the 

LVDT strokes were reached, which prevented the LVDTs from measuring any changes in 

displacements after this point.  

The drift ratios measured during the SLP for CW-4 were lower than the values measured at the 

same hinge rotation demands during the WLP. For example, at -0.9% hinge rotation demands, drift 

ratios of -2.1% and -1.75% were measured for WLP and the SLP, respectively. Similar behavior 

also was observed in the positive direction, except there was less difference in the peak drift values. 

The reason for the lower drift ratios observed during the SLP was because of the damage that 

occurred during the WLP, especially at the east flange edge (Section 6.2.3). At the maximum 

rotation demands of ±1.35% (during the SLP), the drift ratio of 2.4% was achieved in both 
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directions. Figure 6-22 shows the OOP base moment-hinge rotation response of CW-4. Lower drift 

ratios were observed in the negative OOP direction (flange edges were under tension) during the 

SLP compared to the WLP because of the damage that occurred at the edges of the flanges due to 

buckled and/or ruptured longitudinal reinforcement at the flange edges. The dashed line in Figure 

6-22 represents the last cycle in which the failure occurred (loading to Pos. E from Pos. D), where 

about a 60% strength loss was observed. 

 

 

Figure 6-21: IP Base shear-drift ratio responses of CW-2, CW-3, and CW-4  
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Figure 6-22: OOP Base shear-drift ratio response CW-4 

The total in-plane lateral displacement (𝛿𝑡𝑜𝑡) of the walls can be expressed as the sum of the 

flexural and shear deformations over the wall height ((3.3). Figure 6-24 shows the contributions 

of different deformations to the total lateral displacement measured at the top of CW-2. In the 

positive direction, an increase was observed in the contributions of the flexural and slip/extension 

deformations, whereas the contribution of the shear deformations decreased from approximately 

40% to 25%. In the negative direction, on the other hand, the contributions of the flexural and the 

slip/extension deformations were found to be decreasing, resulting in an increase from around 40% 

to 50% in the percent contribution of shear deformation calculated using Equation G.18. Figure 

6-23 shows the drift ratios calculated at the top of CW-3 due to flexure (𝛿𝑓,𝑤𝑎𝑙𝑙), slip/extension 

(𝛿𝑓,𝑠𝑙𝑖𝑝), and shear deformations (𝛿𝑠,𝑤𝑎𝑙𝑙) calculated using Equation (G.18 and Equation (G.19. 

Also, the percent contributions of these deformations to the total displacement at the top of the 

wall are given in Figure 6-25. On average, of both directions, the flexural deformations contributed 
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to approximately 48%, slip/extensions deformations contributed to approximately 14%, and the 

shear deformations contributed approximately 35% to the total lateral displacements at the 

maximum drift ratios. Approximately 3% of the total lateral displacement was due to the shear 

sliding at the wall-footing interface and sliding of the footing at the footing-strong floor interface. 

In general, for CW-4, at the maximum rotation demands of the SLP (±1.35%), an increase was 

observed for the contributions of the flexural deformations, i.e., from approximately 40% to 60%, 

resulting in a decrease in the shear and slip/extension deformation contributions (Figure 6-26). 

 

Figure 6-23: Different components of in-plane base shear-drift ratio response of CW-3  
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Figure 6-24: Contributions of different components to the drift ratios at the top of CW-2 

 

 

Figure 6-25: Contributions of different components to the drift ratios at the top of CW-3 

 

 

Figure 6-26: Contributions of different components to the drift ratios at the top of CW-4 

 



 

249 

 

6.3.4 Local Responses 

CW-2 

The compressive and the tensile strains measured using Layers 2 through 5 LVDTs of CW-2 were 

lower than the strain measurements taken during the WLP, consistent with the lower curvatures 

observed at these layers during the SLP (Figure 6-16). Therefore, the distribution of the LVDT 

strains along the flange edges is not shown here for the SLP cycles. However, higher compressive 

strains were measured at the west flange edge for the Layer 1 LVDTs;  LVDT strains versus the IP 

hinge rotation responses are shown in Figure 6-27. A maximum compressive strain of -0.0068 was 

measured at the maximum rotation demand (-0.9%) of the WLP; whereas a maximum compressive 

strain value of -0.0097 at -1.35% hinge rotation demand of the SLP. Due to damage at the base of 

the east flange edge, the values recorded at Layer 1 east flange LVDT were unreliable.  

Figure 6-28 shows the reinforcement strains recorded using the strain gauges attached to the east 

flange U-bars (Figure 2-30). The strain gauge attached to the east flange edge U-bar yielded during 

the ramp-down loading of the WLP, whereas the U-bars at the east flange-web corner did not yield 

during the WLP. During the SLP, an increase was observed in the strains at the flange-web corner 

U-bars, and yielding was observed in the strain gauge attached crosstie in the web (parallel to the 

flange length) after strength loss started. 
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Figure 6-27: IP Hinge Rotation-LVDT strain response, West flange edge Layer 1 LVDT 

CW-2 

 

 

Figure 6-28: IP Hinge Rotation-Strain gauge strain response, East flange U-bars, CW-2 
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CW-3 

Figure 6-29 and Figure 6-30 show the axial strain profiles of CW-3 measured along the height of 

the east and west flange edges, respectively, during the ramp-up loading of the WLP and the SLP. 

The highest tensile strain (0.037) was measured at the east flange edge Layer 3 LVDT (above the 

splice region). Similar compressive strains, values of -0.0063 and -0.0058 for the west and the east 

flanges, respectively, were measured at ±1.35% hinge rotation demands (at the base of the wall; 

Layer 1 LVDTs). During the last cycle at -1.85% hinge rotation demands, the compressive strain 

value increased to -0.021 at the base of the west flange edge. Figure 6-31 compares the 

compressive strains measured at the flange edges and flange-web corners at Layers 1 and 2. In 

general, the flange edge and flange-web corner strains were similar unless significant damage was 

observed at the LVDT anchor points.  

Figure 6-32 and Figure 6-33 show the strains recorded at the strain gauges attached to hoops, cross-

ties, and U-bars 5 in. above the footing (within  the splice region, Figure 2-31) at the east and west 

flanges of CW-3, respectively. In general, higher strains were recorded when the flanges were 

under tension than compression. This is likely because, when the flanges were under tension, the 

transverse reinforcement around the spliced longitudinal reinforcement was resisting splitting 

forces developed due to bond-slip behavior.   
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Figure 6-29: Axial strain profiles along the height of the edge of the East flange during the 

ramp-up loading of WLP and SLP, CW-3 

 

Figure 6-30: Axial strain profiles along the height of the edge of the West flange during the 

ramp-up loading of WLP and SLP, CW-3 
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Figure 6-31: Comparison of compressive strains at the flange edges and corners during the 

ramp-up loading of WLP and SLP for the first- and second-layer LVDTs, CW-3 

 

Figure 6-32: East flange transverse reinforcement strain gauge strains, CW-3 
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Figure 6-33: West flange transverse reinforcement strain gauge strains, CW-3 

CW-4 

Figure 6-34 shows the compressive strains measured at Layer 1 LVDTs of CW-4 during the in-

plane ramp-up loading of the WLP and the SLP. At the same rotation demands, ±0.6% and ±0.9%, 

the values recorded during SLP were found to be lower, except for the east flange edge LVDT. 

Because of the damage that occurred during the WLP at the base of the east flange edge, 

compressive strain demands were higher during the SLP. At ±1.35% rotation demands, similar 

compressive strains were measured at the east and west flange corners, -0.0047 and -0.0049, 

respectively, whereas, at the west flange edge, the maximum compressive strain value was -0.0053. 

After the two biaxial cycles at +0.9% rotation demands, the east flange edge LVDT was not 

functioning properly due to the concrete crushing observed at the base of the east flange edge.  

Figure 6-35 and Figure 6-36 show the effect of biaxial loading on CW-4 by comparing the 

compressive strains for in-plane loading (Pos. A and D) and for biaxial loading for the flange-web 

corners (Pos. C and F) and flange edges (Pos. B and E). Measured peak compressive strains during 

OOP loading were 22% (west flange) and 62% (east flange) higher that at the flange-web corners. 

The maximum compressive strain value measured at Pos. B (IP + OOP) for the west flange edge 
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at -1.35% rotation demand was -0.0061, a 15% increase from Pos. A (IP). After 0.9% IP hinge 

rotation demands, due to concrete crushing, the values recorded at the east flange edge Layer 1 

LVDT were not reliable. Figures Figure 6-37 and Figure 6-38 show the in-plane rotation-strain 

gauge strain responses for the strain gauges attached to the hoops, cross-ties, and U-bars of the 

east and west flanges of CW-4 (Figure 2-32), respectively. In general, similar to CW-3, the strain 

gauges had higher strain demands when the flanges were under tension than compression. Since 

these gauges were affixed to transverse reinforcement located inside the splice region (5 in. above 

the footing), when the flanges were under tension, the higher strains were likely due to the 

transverse reinforcement resisting splitting forces developed due to bond-slip behavior.  The strain 

gauge attached to the inside surface of the hoop that was located at the east flange edge (Hoop In, 

Figure 6-37) showed yielding during biaxial loading at -0.9% IP hinge rotation demands at loading 

Pos. F (east flange edge was under tension). The same strain gauge and the one attached to the 

cross-tie at the edge of the east flange (Figure 2-32) showed yielding when the east flange was 

under compression after the completion of the cycles at +0.9% IP hinge rotation demands. The 

strain gauges attached to the west flange transverse reinforcement did not show any yielding. 
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Figure 6-34: Comparison of compressive strains at the flange edges and corners during the 

ramp-up loading of WLP and SLP for the Layer 1 LVDTs, CW-4 

 

 
Figure 6-35: Comparison of compressive strains at the corners at different loading 

positions during the ramp-up loading of WLP and SLP for the Layer 1 LVDTs, CW-4 
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Figure 6-36: Comparison of compressive strains at the flange edges at different loading 

positions during the ramp-up loading of WLP and SLP for the Layer 1 LVDTs, CW-4 

 

 

Figure 6-37: East flange transverse reinforcement strain gauge strains, CW-4 
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Figure 6-38: West flange transverse reinforcement strain gauge strains, CW-4 

6.4 Vertical Growth 

The vertical growth during the SLP calculated at the flange edges (Figure 6-39) for negative 

loading was similar to the values during the in-plane loading of WLP (0.5 in.) for CW-2. However, 

in the positive direction, due to concrete crushing at the base of the east flange, the vertical growth 

was lower (0.24 in.) during the SLP than during the WLP. For CW-3, at maximum hinge rotation 

demand of -1.85%, the vertical growth was 1.1 in., whereas at +1.35% rotation demand, vertical 

growth was around 0.7 in. (Figure 6-40). For CW-4, similar to the curvatures and the strains, the 

vertical growth was also smaller at the same rotation demands (±0.6% and ±0.9%) during the SLP 

compared to WLP (Figure 6-41). At the maximum hinge rotation demands of ±1.35%, the vertical 

growth was 0.65 in. and 0.55 in. in the negative and positive directions, respectively.  



 

259 

 

 
Figure 6-39: IP hinge rotation-vertical growth response of CW-2 

 

 
Figure 6-40: IP hinge rotation-vertical growth response of CW-3 
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Figure 6-41: IP hinge rotation-vertical growth response of CW-4 

6.5 Impact of Lap Splices 

The base moment-hinge rotation responses of the walls calculated using an extended plastic hinge 

length (Lp=lw/2+Ls=57.5 in., Section 5.6) are shown in Figure 6-42, where the star symbols 

represent the point where the failure occurred. The failure point represents the point where either 

a sudden strength loss (CW-2, the base moment decreased to 0.25 times the maximum value 

recorded), the out-of-plane instability of the east flange (CW-3), or 34% strength loss in the OOP 

direction (CW-4) was observed. The average of the negative and positive hinge rotation demands 

at the peak demands of the SLP are given in Table 6-3 and also compared to the hinge rotations 

calculated using Lp=lw/2 (37.5 in.).  With the extended hinge length, at the maximum rotation 

demands of SLP, hinge rotations of 2.39% and 1.76% were calculated for CW-3 and CW-4, and 

corresponding rotational ductility ratios were 8.5 and 6.3, respectively. For CW-2, although the 
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rotation demands were higher (1.6%) for Lp=lw/2+Ls versus using Lp=lw/2 (1.35%), the curvature 

ductility ratio was lower with the extended hinge length (4.7 versus 5.4). This happened because 

rotation demands for the 20 in. (Ls) above lw/2 (calculated using the Layer 4 LVDTs, 37.5-57.5 in.) 

were higher compared to the rotation demands at Layer 4 during SLP. 

Table 6-3:Average hinge rotation demands for CW-2, CW-3, and CW-4 at the maximum 

rotation demands of WLP and SLP 

Wall 
Loading 

Protocol 

Lp=lw/2 Lp=lw/2+Ls 

Hinge rotation Rotation Ductility Hinge rotation Rotation Ductility 

CW-2 
WLP 0.90% 3.6 1.29% 3.8 

SLP 1.35% 5.4 1.60% 4.7 

CW-3 
WLP 0.90% 3.6 1.18% 4.2 

SLP 1.85% 7.4 2.39% 8.5 

CW-4 
WLP 0.90% 3.6 1.37% 4.9 

SLP 1.35% 5.4 1.76% 6.3 

Note: Values represent the average ones from the positive and the negative in-plane loading directions 
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Figure 6-42: In-plane moment-hinge rotation (Lp=lw/2+Ls) of CW-2-3-4 under WLP and 

SLP 
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6.6 Summary of Seismic Test Results 

The seismic loading protocols were applied to the test specimens after the application of the wind 

loading protocols to assess the residual strengths and deformation capacities of the walls after 

extreme wind events. For the wall with significant damage observed during the WLP   at the flanges 

at the wall-footing interface (CW-2) resulting in significant strength loss (0.66 times the 

0.5Mpr,OOP+y) during positive OOP loading (flange edges were under compression), one cycle was 

applied during the SLP. The in-plane plastic hinge rotation capacity of the CW-2 was measured to 

be 1.35% and 1.6% calculated using Lp=lw/2 and Lp=lw/2+Ls, respectively. Base moment values of 

0.84 and 0.67 times the base moment values observed for CW-3 at 1.35% rotation demands 

(Lp=lw/2) were recorded for CW-2. For the wall with no significant damage observed during the 

WLP (CW-3), the maximum in-plane hinge rotation capacity of 1.85% and 2.39% were calculated 

using Lp=lw/2 and Lp=lw/2+Ls, respectively. Given the fact that the failure of CW-3 was due to out-

of-plane instability of the east flange at approximately 50 in. above the footing, corresponding to 

the top of the first story for a full-scale wall, higher hinge rotation capacity is expected in a real 

building since the floor slab would support wall and prevent the OOP instability failure. The biaxial 

SLP applied to CW-4 showed that the in-plane hinge rotation capacity of the test specimen under 

high axial load demands (P=0.1Agf’c) and under biaxial loading is 1.35% and 1.76% calculated 

using Lp=lw/2 and Lp=lw/2+Ls, respectively. 

The yield moment strength, MyE, and the ultimate moment strength, MultE, per ACI 369.1-22 were 

calculated and compared with the effective yield moment (My,eff, Appendix F) and the maximum 

base moment observed during the experiments. According to ACI 369.1-22, MyE is calculated using 

ACI 318-19 provisions (at εc = 0.003) with the expected material properties and MultE = 1.15MyE. 

The calculations resulted in MyE = 4087 kip-ft, which is 1.1 times the My,eff (3700 k-ft). The 
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maximum in-plane base moment values (CW-3) were +4577 kip-ft (0.97MultE) and -4400 kip-ft 

(0.94MultE) in the positive and negative directions, respectively. The coefficient of variation given 

in ACI 369.1-22 for My and Mn are 0.14 and 0.15; therefore, the test values are within one standard 

deviation of the mean values given by ACI 369.1-22. The deformation capacity of the test 

specimens using the ACI 369.1-22 provisions for nonconforming walls (dnl), defined as the walls 

with minimum ratio of provided-to-required (per ACI 318-19 Section 18.10.6.4) area of boundary 

transverse reinforcement Ash,provided/Ash,required < 0.7, was calculated as 2.1%. This value was found 

to be higher than the maximum hinge rotation observed for CW-2; 1.35% and 1.60% calculated 

using Lp=lw/2 and Lp=lw/2+Ls, respectively. Hinge rotation demands closer to the value predicted 

using ACI 369.1-22 (2.1%) were observed for CW-3 before the out-of-plane instability of the east 

flange was observed; 1.85% and 2.39% calculated using Lp=lw/2 and Lp=lw/2+Ls, respectively. 
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7. Analytical Modeling of the Test Specimens 

7.1 General 

This chapter focuses on the analytical models used to predict the behavior of the C-shaped walls 

under the wind and seismic loading protocols using complex nonlinear reinforced concrete wall 

models. To this end, the open-source structural engineering software called OpenSees (McKenna 

et al., 2000) was used. The C-shaped structural walls were modeled using the three-dimensional, 

four-node macroscopic model element called MVLEM-3D (Kolozvari et al., 2021). The MVLEM-

3D is an extension of the two-dimensional, two-node Multiple-Vertical-Element Model (MVLEM, 

Orakcal et al., 2004; Vulcano, 1992; Vulcano et al., 1988). The in-plane behavior (axial, bending, 

and shear) of the MVLEM are represented by the six in-plane degrees of freedom (DOFs) defined 

at the centerline nodes of the MVLEM (Figure 7-1). The axial and bending behaviors are governed 

by the axial strain history of m fibers and the constitutive concrete and reinforcement models 

assigned to these fibers. The plane section assumptions are enforced using the two rigid beams 

located at the top and bottom of the elements, and the relative rotations of the rigid beams occur 

around the model centerline at a height of c times h from the bottom rigid beam (Figure 7-1). The 

shear behavior is modeled using a horizontal spring located at the same point (ch). More details 

regarding the 2-node MVLEM can be found in (Orakcal et al., 2004). 

MVLEM-3D was defined by using three degrees of freedom (DOFs) at each node of the model, 

with each DOF including horizontal and vertical translational DOFs and one rotational DOF; 

therefore, each element includes 12 in-plane DOFs. On the other hand, the out-of-plane behavior 

is modeled using a four-node Kirchhoff plate finite element formulation. Two rotational and one 

translational DOF are assigned at each corner (Figure 7-2b). The element deformations in the OOP 

direction are assumed to be small compared to IP ones, and linear-elastic behavior is assigned to 
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the plate. The combination of the IP and OOP DOFs resulted in a four-node model with a total of 

24 DOFs for the MVLEM-3D element (Figure 7-2). More information regarding the model and 

implementation of the model in OpenSees can be found in (Kolozvari et al., 2021). 

 

 

Figure 7-1: Transformation of a) 2-node MVLEM to b) 4-node MVLEM (Kolozvari et al., 

2021) 

 

 

Figure 7-2: Formulation of MVLEM-3D (Kolozvari et al., 2021) 
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7.2 Model Description 

Two different models were developed to predict the experimental behavior, i.e., a simple model 

and a more detailed model. The difference between these models was the number of MVLEM-3D 

elements used for the flanges and the web of the C-shaped walls. In the “simple” model, one 

MVLEM-3D element was assigned to the flanges and the web of the walls. The thickness of the 

elements was 5 in. in accordance with the thickness of the flange and web. Figure 7-3 shows the 

first layer elements (as an example). A more detailed model was also created to better estimate the 

tensile and compressive strains. Five 1 in. thick MVLEM-3D elements were used for the flanges 

and the webs of the wall segments. Each element was connected with rigid links at the flange edges 

and the flange-web corners (Figure 7-4). The use of five elements through the wall thickness was 

selected to achieve improved predictions of the magnitude of the compressive strain values within 

the compression zone, which likely would improve the potential to predict post-peak compression 

strains, and thus, strength loss. Neither the lap splices nor the slip/extension behavior of the 

longitudinal reinforcement was included in either of these models (see Section 7.9). 

A total of 9 and 16 fibers were used for the flanges and the web, respectively, for both models. The 

discretization of the fibers was based on the distribution of the longitudinal reinforcement and to 

model the differences in the compressive stress-strain behavior of concrete due to variations in the 

amount and distribution of transverse reinforcement (i.e., confinement, Section 7.3). The 

discretization of CW-2 is shown in Figure 7-5. The vertical discretization of the models was done 

in a way to enable consistent comparison between model strains and strains measured using 

different layers of LVDTs used in the tests (Figure 2-24 and Figure G-1). Since the test specimens 

were subjected to moment and shear at the top of the walls (Section 2.4), the resulting shear-span-

ratios (SSR) in the in-plane and out-of-plane directions were 4.72 and 5.75, respectively, for CW-
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2, CW-3, and CW-4. The SSR value in the OOP direction for CW-1 was 4.80. These SSR values 

resulted in effective heights of 354 in. in the IP and 173 in. in the OOP (144 in. for CW-1) 

directions. The IP and OOP lateral loads were applied at these effective heights in the models 

developed to result in the same shear-span ratios for the tests and the models. A rigid structure was 

modeled above the wall height (88 in.) for the application of IP and OOP lateral loads (Figure 7-6). 

Similar to the experimental program, the IP shear was applied as a single point that is located at 

the center of the mass of the C-walls. The OOP shear was applied at two different locations: the 

southeast and southwest corners of the web (Figure 7-6). During the experiments, the horizontal 

actuators used for the OOP load application (Actuators 4 and 5, Figure 2-22) were also used to 

prevent the specimens from twisting. Similarly, a translational spring with a high stiffness value 

was used in the y-direction and assigned to the nodes where the OOP load application occurred in 

the model to prevent torsion. In the experiments, the IP hinge rotations were held constant during 

the OOP load application. A translation spring in the x-direction was used at the point of the IP 

load application in the model to create the same loading condition. A high stiffness assigned to this 

spring prevented the wall from moving in the IP direction during the biaxial loading.  
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Figure 7-3: Single MVLEM-3D element assigned to the flanges and the web (Simple model)  

 

 

 

Figure 7-4: Five MVLEM-3D elements assigned to the flanges and the web (Detailed 

model) 
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Figure 7-5: Model discretization, CW-2 

 

 

Figure 7-6: Elevation view, location of load application points, and the translational springs 

7.3 Material Properties 

7.3.1 Concrete 

Different concrete constitutive material models were used for different walls. For RCW-1 (instead 

of CW-1, model results were compared with RCW-1 due to the higher stiffness and base moment 

values measured for CW-1, Section 4.3.1), the ConcreteCM concrete model (Kolozvari et al., 

2015) was used. This model uses the uniaxial hysteretic constitutive model developed by (Chang 

and Mander, 1994). The ConcreteCM model was used for RCW-1 due to its ability to better capture 
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the pinching behavior of the RC walls, which was more dominant for RCW-1 than for the other 

walls. For CW-2, CW-3, and CW-4, the Concrete02 model (Yassin, 1994) was used because of its 

relatively simple and numerically efficient formulation. The unconfined and confined concrete 

compression envelope of the models were calibrated using the mathematical models developed by 

Saatcioglu and Razvi (1992) and Razvi and Saatcioglu (1999), respectively. As shown in Figure 

7-5, the unconfined concrete properties were used for the fibers located in the web of the walls, 

where no crossties were provided. Depending on the transverse reinforcement used (e.g., U-bars, 

cross-ties, or hoops), different confined concrete properties were assigned to different fibers for 

the other parts of the walls (Figure 7-5). The material regularization techniques developed by Pugh 

et al. (2015) were applied to the unconfined and confined concrete properties to create mesh-

independent models. Pugh et al. (2015) showed that with regularized material properties, different 

models with different vertical mesh refinement can result in the same displacement capacity, 

whereas without regularized material properties, the initiation of strength loss occurs at lower 

displacement values, and a more rapid loss was observed for the models with smaller vertical 

elements height (more refined mesh). The stress-strain relationships for the confined concrete 

(corner confinement) of CW-1 with and without regularization are given in Figure 7-7 as an 

example.  

A sensitivity study was conducted to see the effect of material regularization on CW-1. The detailed 

model explained in Section 7.2 was used for the sensitivity study. Figure 7-8 shows the base 

moment-hinge rotation responses of CW-1 with and without material regularization. Since no 

strength loss or failure was observed during the applied cyclic loading, the same responses were 

observed from both models. However, under monotonic loading, while the failure occurred at 4.6% 

rotation demand for the un-regularized model, it occurred at 3.7% for the regularized model, 
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showing that material regularization only affects the rotation/displacement capacity and the post-

strength-loss behavior.  

 
Figure 7-7: Un-regularized and regularized stress-strain relationships for corner 

confinement of CW-1 

 

 
Figure 7-8: Effect of material regularization on monotonic (left) and cyclic (right) base 

moment-hinge rotation response of CW-1 
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7.3.2 Reinforcement 

The behavior of the steel reinforcement was modeled using the SteelMPF model (Kolozvari et al., 

2015), which represents the uniaxial constitutive nonlinear hysteretic material model developed 

by Menegotto and Pinto (1973) and Filippou et al. (1983). The model was calibrated using the 

coupon test results conducted in #3 Grade 60 (Figure 7-9) and #4 Grade 80 (Figure 7-10) 

reinforcement used for the longitudinal reinforcement of CW-1 and CW-2-3-4. The post-yield 

strain hardening stiffness of the models was selected accordingly to match the response of tested 

reinforcement reasonably well for the tensile strains less than 4%, which was the maximum tensile 

strain observed during the tests with the exception of CW-1 Layer 1 LVDTs measuring 

approximately 5% tensile strains at the maximum rotation demands (Figure 4-19).  

 
Figure 7-9: Reinforcement stress-strain relationships for #3 Grade 60 bars 

 



 

274 

 

 
Figure 7-10: Reinforcement stress-strain relationships for #4 Grade 80 bars 

 

7.3.3 Shear Behavior 

The in-plane shear behavior of the MVLEM-3D was represented by assigning a linear elastic shear 

force-deformation relationship to the shear spring of the element (Figure 7-1). Sensitivity studies 

were conducted by Kolozvari et al. (2021) to estimate the effective shear stiffness of the shear 

spring. Different flanged walls (T-shaped or U-shaped) tested by Thomsen and Wallace  (2004), 

Beyer et al. (2008), and Constantin (2016) were modeled, and the model results were compared 

with the experimental results. Based on the sensitivity study results, a shear stiffness of 0.025G (G 

is the shear modulus of concrete) was suggested by Kolozvari et al. (2021) for flanged walls. The 

concrete shear modulus for C-shaped walls was calculated using G = Ec/(2(1+ν)), where Ec was 

calculated using Equation (2.9 and the Poisson’s ratio (ν) was taken as 0.25. 
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7.4 Effect of Model Detailing 

A pushover analysis was done to compare the “simple” and  “detailed” models explained in Section 

7.2. CW-2 was used for the comparison, and material regularization was done for both models; 

therefore, the only difference was the number of MVLEM elements used in the flanges and the 

web. Figure 7-11 shows the pushover analysis results for the base moment-rotation responses and 

also the fiber compressive strains measured at the flange-web corner fibers. As can be seen from 

this figure, the moment-rotation responses of the models were the same. However, a significant 

difference was observed in the fiber strains. The compressive strains were 2.09 times higher for 

the detailed model than the simple model at 2% hinge rotation demands. A comparison of the 

model results with the experimental results showed that the simple model significantly 

underestimated the compressive strains (Section 7.6.3). Therefore, the detailed model was used for 

the predictions of C-shaped walls under the wind and seismic loading protocols.  

 

 

Figure 7-11: Effect of model detailing on base moment-hinge rotation response (left) and 

fiber compressive strains (right) 
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7.5 Model Results (RCW-1) 

7.5.1 General 

This section focuses on the model results of RCW-1. The stroke capacity of hydraulic jacks was 

reached for CW-1 during the experiments, which resulted in an increase in stiffness and the 

observed base moment/shear values (Section 4.3.1). Also, there was significant variation in the 

axial load applied to CW-1, whereas, for RCW-1, less variation in axial load occurred and held 

essentially constant at 0.1Agf ’c (Section 4.4). Because of these reasons, the model results were 

compared to the experimental results of RCW-1. Figure 7-12 shows the wind loading protocol 

used in the model. This loading protocol represented a uniaxial version of the biaxial WLP used 

for CW-1. The same in-plane base moment and rotation demands were used; however, no biaxial 

loading (OOP bending moments) and ramp-down loading were applied to RCW-1 and in the 

model. Given that the biaxial WLP used for CW-1 did not result in any damage, high residual 

rotation, or strain demands during the testing of CW-1, the uniaxial loading protocol used in the 

model was found to be sufficient. After the application of WLP shown in Figure 7-12, the seismic 

loading protocol shown in Figure 2-39 was applied in the model. The same SLP was used for CW-

1 and RCW-1 during the experiments. 

 

 

Figure 7-12: The wind loading protocol applied to RCW-1 in the model 
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7.5.2 Base Moment-Hinge Rotation Response 

The hinge rotations in the model were calculated in an equivalent way to the experiments. The 

vertical displacements of the nodes located at the four corners of the C-wall (at h=Lp=37.5 in.) 

using the outer layer MVLEM-3D elements of the east and west flanges were used (Figure 7-13). 

The displacement values of the flange edge and flange-web corner nodes of the same flange were 

averaged for the rotation calculation.  

 

𝛳𝐿𝑝,𝐼𝑃 =  

𝛿𝑁𝑊 + 𝛿𝑆𝑊

2 −
𝛿𝑁𝐸 + 𝛿𝑆𝐸

2
𝐿𝑤

 (7.1) 

 

where 𝛿𝑁𝑊, 𝛿𝑆𝑊, 𝛿𝑁𝐸, and 𝛿𝑆𝐸 are the vertical displacements of the nodes shown in Figure 7-13, 

and Lw is the horizontal distance between the west and the east node (74 in.).  

 

 

Figure 7-13: MVLEM nodes used for the calculation of hinge rotations 
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Figure 7-14 shows the comparison of base moment-hinge rotation responses from the tests and the 

model. The model predicted the strength of the specimen very well, i.e., the base moment values 

were approximately the same at various hinge rotation demands. The initial stiffness and the 

effective yield rotations were also found to be similar for the model and the test. For RCW-1, the 

stiffness at first yield was calculated to be 0.36EcIg (0.35EcIg for CW-1) using Equation (3.6, and 

in the model, the stiffness value was calculated as 0.45EcIg. The difference between the model and 

the experimental stiffness can be explained by the fact that the slip/extension deformations were 

not included in the model, resulting in lower hinge rotation and higher stiffness values. The 

pinching behavior of RCW-1 was also reasonably predicted by the model, except for the second 

cycle at ±1.5% hinge rotation demands, where the axial load was not kept constant during the 

experiments to see the effect of axial load variation in the pinching behavior. In the experiment, 

axial load values as low as 0.05Agf ’c were observed during the unloading portion of the cycle, 

which resulted in higher residual rotations at zero loads, whereas, in the model, the axial load was 

kept constant at 0.1Agf ’c. 

RCW-1 failed due to longitudinal bar buckling and concrete crushing above the splice region in 

the experiments with approximately 45% strength loss observed during the first cycle to 2% hinge 

rotation (when 2% rotation was reached). After the application of two cycles at ±2% hinge rotation 

demands in the model, no strength loss or failure was observed. It should be noted that neither the 

splice regions nor bar buckling behavior were considered in the model; therefore, the model did 

not predict the failure. Buckling of longitudinal reinforcement can be incorporated in the model 

using the (𝜀𝑝
∗) approach explained in Appendix A. However, the 𝜀𝑝

∗  models predicted the initiation 

of bar buckling above the splice region at around 2.7% 𝜀𝑝
∗  strain demands (Table A-3), whereas 

approximately 4% and 5.5% 𝜀𝑝
∗  strain demands were measured for RCW-1 and CW-1, respectively, 
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before the failure was observed, suggesting that the 𝜀𝑝
∗   strain model might be overly conservative 

for predicting strength loss of modestly detailed C-shaped walls.   

 

 

Figure 7-14: Base moment-hinge rotation responses of RCW-1 

 

7.5.3 Axial Strains 

Figure 7-15 shows a comparison of tensile and compressive strains measured during the tests (CW-

1 and RCW-1) and obtained from the model. The model strains represent the fiber strains at the 

outer layer east flange MVLEM element and at the fiber closest to the flange edge. The test strains 

represent the strains estimated at the concrete surface using the Layer 1 east flange edge LVDTs. 
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Since the LVDTs were a couple of inches away from the concrete surface (approximately 4 in.), 

depending on the neutral axis depth, the surface compressive strains can be overestimated by a 

factor as high as 2.0 from the LVDT readings. Therefore, the neutral axis depths at different hinge 

rotations were calculated using the experimental data and the model results. Given the neutral axis 

depth, the strains at the concrete surface were estimated. The comparisons show that, for hinge 

rotations less than -1.5%, the model tensile strains were higher than the experimental strains (CW-

1), as high as 1.48 times the experimental strains at -0.5%, and as low as 1.13 times the 

experimental strains at -1.5% hinge rotation demands. However, at the maximum hinge rotation 

demands, the peak tensile strain values were very close (the model strain was 0.95 times the 

experimental strain). The compressive stains, on the other hand, were underestimated in the model. 

At the maximum rotation demands of 2%, the experimental strains were estimated as -0.39%, 

whereas the model strains were around -0.25%. It should be noted here that it is common for 

MVLEM to underpredict the compressive strains of the flanged walls (Kolozvari et al., 2021). 

 

Figure 7-15: Comparison of compressive and tensile strains 
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7.6 Model Results (CW-2) 

7.6.1 General 

Figure 7-16 shows the wind loading protocol applied to the model of CW-2. The applied WLP was 

representative of the one used during the experiments; i.e., the same base moment or hinge rotation 

demands used in the tests were applied in the model but fewer cycles were applied (especially for 

the lower demand cycles). The cycles shown in red in Figure 7-16 indicated the biaxial cycles 

applied to the model. The out-of-plane demands applied to the model were the same OOP hinge 

rotation demands applied to CW-2 during the testing. The ramp-down loading was not applied in 

the model because strength loss was observed during the ramp-up loading in the OOP direction, 

which was not observed in the test. As mentioned in Section 5.3.4, because of the torsion observed 

during the in-plane loading in the experiments, lower tensile and compressive strains were 

observed at the flange edges, possibly delaying strength loss due to concrete crushing at the east 

flange edge and resulting in strength loss during the ramp-down loading. However, in the model, 

the torsional response of the wall was restrained; therefore, strength loss due to concrete crushing 

occurred during the ramp-up loading.  

 

 

Figure 7-16: The wind loading protocol applied to CW-2 in the model 
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7.6.2 Base Moment-Hinge Rotation Response 

Figure 7-17 shows the comparison of the in-plane base moment-hinge rotation responses from the 

model and the experiment. The comparison shows that the model can predict the in-plane stiffness, 

strength, unloading behavior, and displacement capacity of CW-2 reasonably well. The effective 

lateral stiffness at first yield was calculated as 0.24EcIg using the experimental results, and  0.31EcIg 

using the model results. The difference can be explained due to slip/extension deformations that 

were not included in the model. The model predicted the base moment capacity of CW-2 in the 

negative IP direction very well; at maximum WLP rotation demands (-0.9%), the model results 

were only 4% smaller than the experimental results. On the other hand, in the positive direction, 

the difference was higher for the inelastic cycles. At 0.9% rotation demands, the model 

underpredicted the base moment by approximately 10%. During the application of WLP (Figure 

7-16), similar to the experimental behavior, stiffness degradation and strength loss were observed 

in the positive OOP direction (flange edges were under compression, Figure 7-18). At the second 

cycle of 0.9% IP rotation demands, significant strength loss (approximately 80%) was observed in 

the OOP base moment capacity due to concrete crushing in the east flange edge. The same behavior 

was observed during the experiments (Section 5.3.1). While the strength loss was more gradual 

during the ramp-down cycles during the tests, it was more abrupt in the model. The same SLP used 

during testing was applied in the model after the WLP, i.e., one cycle to ±1.35% IP hinge rotation 

demands. The base moment at -1.35% rotation demand was the same as the experimental value. 

The slope of the reloading curve to +1.35% was also very well predicted. Strength loss was 

observed in the experiments starting from 0.95% rotations, and the failure occurred at 1.35% 

rotations, whereas the failure occurred at 1.15% rotation demands without prior strength loss in 

the model.   
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Figure 7-17: IP base moment-hinge rotation responses of CW-2 

 

 

Figure 7-18: OOP base moment-hinge rotation responses of CW-2 
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Although the model predicted the in-plane behavior of CW-2 well, the out-of-plane base moment-

hinge rotation responses differed for the model and the test results. The difference was attributed 

to the fact that, while some torsion was observed during the test (Figure 5-38), it was restrained in 

the model. A sensitivity study was conducted to see the effect of torsion on the IP and OOP 

moment-rotation responses of CW-2. A model with lower stiffness values assigned to the springs 

used to prevent the wall from twisting was created, and the WLP and SLP were applied. Figure 

7-19 shows the moment-rotation responses of the model and compares them with the experimental 

results. The OOP moment-rotation response was better predicted when the wall was allowed to 

twist. The OOP stiffness and the moment demands were more comparable with the test results, 

especially in the negative direction, than the model with restrained torsion. However, the 

compressive strains were significantly lower (close to zero) at the flange edges because of the 

torsion. Therefore, concrete crushing at the flange edges during the OOP bending was not predicted 

with this model, which resulted in a different in-plane moment-rotation response during the SLP. 

Given that the in-plane response of the wall is better predicted if the torsion in the models is 

restrained, twisting was prevented for CW-3 and CW-4. The comparisons suggest that improved 

modeling or torsional behavior (use of a more sophisticated model) might be needed to improve 

the predictions (Tura et al., 2024). However, the goal of the modeling studies presented herein 

were focused on approaches that more likely could be used by engineers applying Performance-

Based Wind Design for actual projects, which typically involve large models with many DOFs.   
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Figure 7-19: IP and OOP base moment-hinge rotation responses for the model without 

torsional restraints  

 

7.6.3 Axial Strains 

Figure 7-20 and Figure 7-21 show a comparison of the compressive and tensile strains, 

respectively, measured at in-plane loading positions and after the application of OOP moments for 

the model (with restrained torsion) and the experiment. The model strains were measured at the 

flange edge fibers of the outer layer MVLEM-3D elements at the base of the wall (Layer 1), 

whereas the experimental strains at the concrete surface were estimated using the flange edge 

Layer 1 LVDTs. Since the LVDTs at the splice regions measured very low tensile strains, the strains 

measured above the splice region were compared with the model results. The model predictions 

for compressive strains at lower-level hinge rotation demands (0.6% and less) were lower than the 

experimental strains (approximately 20% to 30% lower). However, at higher rotation demands, 

the model strains matched the experimental strains very well. At the maximum rotation demands 

for in-plane loading (-1.35%), the model predicted compressive strain demands within 10% of the 

test results. The model results were also very close to the experimental values after the application 
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of OOP moments (Pos. B), which shows that more detailed nonlinear models can predict the 

compressive strain demands under complex loading protocols very well. 

The tensile strains above the splice region (the highest tensile strains were measured here during 

testing) are compared in Figure 7-21. The model tensile strains were found to be lower than the 

experimental strains; 0.58 and 0.53 times the experimental strains at the maximum hinge rotation 

demands at Pos. A and Pos. C, respectively. The experimental tensile strains at the flange edges 

were lower mainly because of the torsion observed during the tests, resulting in higher tensile 

strains at the flange edges compared to the model where the torsional behavior of the wall was 

restrained. 

 

Figure 7-20: Comparison of compressive strains at the flange edges 

 

 

Figure 7-21: Comparison of tensile strains at the flange edges 
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7.7 Model Results (CW-3) 

7.7.1 General 

The same wind loading protocol that was applied to CW-2 (Figure 7-16) was also used for CW-3. 

The differences between the two models were the amount of applied axial load during the biaxial 

loading (when the flange edges were under compression, 0.1Agf ’c for CW-2 and 0.05Agf ’c for CW-

3), and the stress-strain behavior of the flange edge concrete (i.e., concrete confinement, Figure 

7-5); U-bars were used for CW-2, whereas, hoops were used for CW-3. After the WLP, the same 

SLP that was used during the tests (Figure 2-40) was applied in the model. 

7.7.2 Base Moment-Hinge Rotation Response 

Figure 7-22 shows the in-plane base moment-hinge rotation responses from the experiment and 

the model results and indicates that the results are very similar. The effective lateral stiffness at 

first yield was calculated as 0.31EcIg and 0.35EcIg for the experimental and test results, 

respectively. . The base moment demands from the model results were symmetric, i.e., the same 

values were observed in the positive and negative directions. However, for the experimental 

values, the base moment demands were higher in the positive direction, resulting in 9% lower 

demands for the model compared to the experimental values at the maximum positive hinge 

rotation demands. The model and the experimental base moment values were very similar in the 

negative direction. Similar to the experimental behavior, no strength loss was observed in the OOP 

direction during the biaxial cycles of the WLP (Figure 7-23) prior to the observed failure due to 

out-of-plane instability of the east flange after the unloading part of the half cycle to -1.85% IP 

hinge rotation demands during the experiments. However, since out-of-plane instability behavior 

was not considered in the model, the failure was not predicted by the model. After one cycle to 

±1.85% hinge rotation demands, no strength loss was observed in the model.    
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The maximum reinforcement tensile strain (εsm) to maintain lateral stability of RC walls was 

calculated using the recommendations of (Paulay & Priestly, 1993).  

      𝜀𝑠𝑚 ≤ 8𝛽 (
𝑏

𝑙𝑜
)

2

𝜉𝑐 (7.2) 

 where β is the ratio of transverse effective depth (d) to wall thickness (b) and lo is the buckled 

length of the wall, which can be taken as the plastic hinge length of the wall (Lp). (Paulay & 

Priestly, 1993) recommended the Lp to be calculated as: 

         𝐿𝑝 = (0.2 + 0.044𝐴𝑟)𝑙𝑤 (7.3) 

where Ar is the aspect ratio of the wall (hw/lw). The eccentricity ratio of ξc in Equation (7.2 can be 

calculated as:   

          𝜉𝑐 = 0.5(1 + 2.35𝑚 − √5.53𝑚2 + 4.70𝑚) (7.4) 

where m = ρfy/f ’c and ρ is the longitudinal reinforcement ratio in the region of the wall where 

buckling is being considered. The εsm was also calculated using the recommendations of (Chai & 

Elayer, 1999). 

             𝜀𝑠𝑚 =
𝜋2

2
(

𝑏

𝑙𝑜
)

2

𝜉𝑐 + 3𝜀𝑦 (7.5) 

Table 7-1 shows the comparison of εsm values calculated using Pauley and Priestly (1993) and Chai 

and Elayer (1999) with Lp values calculated using Equation (7.3 and Lp=lw/2. Comparison of the 

εsm values from Table 7-1 with maximum tensile strain measured for CW-3 during the SLP at the 

east flange edge Layer 4 LVDT (the region of the wall where global buckling was observed), εt,max 

= 3% (Figure 6-29), indicate that the εsm values significantly overestimated the maximum tensile 

strains if Lp is calculated using Equation (7.3. The maximum tensile strains were closer to the 

experimental values with Lp=lw/2; however, they were underestimated for both approaches, i.e., 

εsm = 2.3% and 2.6% calculated with Equations (7.2 and (7.5, respectively. However, it is noted 
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that the Pauley and Priestly (1993) model was developed based on tests of rectangular wall cross 

sections where peak tensile strains only occur at the extreme fiber, whereas for C-shaped wall 

flanges subjected to in-plane loading, nearly uniform, large tensile strains occur over the entire 

flange width.  

   

 

Figure 7-22: IP base moment-hinge rotation responses of CW-3 
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Figure 7-23: OOP base moment-hinge rotation responses of CW-3 

 

Table 7-1: Maximum tensile strains (εsm) based on Paulay and Priestly (1993) and Chai and 

Elayer (1999) 

 Paulay and Priestly (1993) Chai and Elayer (1999) 

Lp = 19 in. (Eq. (7.3) 0.090 0.076 

Lp = 37.5 in. (lw/2) 0.023 0.026 
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7.7.3 Axial Strains 

Figures Figure 7-24 through Figure 7-27 show a comparison of the compressive strains at the 

flange edges and flange-web corners under the in-plane loading only (Pos. A and D) and after the 

application of OOP demands (Pos. B, E, C, and F). The model results show the strains measured 

at the outer layer flange MVLEM-3D elements and at the fibers representing the positions where 

the LVDTs were attached to the specimen during the tests, e.g., the corner LVDTs were attached 

approximately 5 to 7 in. north of the flange-web corners (Figure 2-28). The experimental strains 

at the concrete surfaces were estimated using the Layer 1 LVDTs and predicted neutral axis depths. 

The comparisons show that, in general, the model results matched the experimental values very 

well, especially during the in-plane loading. After the application of OOP moments, the model 

strain values are larger than the experimental strain values for the west flange edges. This was 

because of the significant amount of torsion observed in the test when the west flange was under 

compression, resulting in lower compressive strains than the model where torsion was restrained. 

Tensile strains (at the flange edges) were also compared (Figure 7-28) from the model and test 

results. The highest strains were measured above the splice region during testing; therefore, for 

direct comparison, the model tensile strains above the splice region are shown in Figure 7-28. The 

comparison revealed that the model strains were lower than the experimental strains; 0.7 and 0.5 

times the experimental strains at the maximum positive (+1.35%) and negative (-1.85%) hinge 

rotation demands. The experimental tensile strains were higher, possibly because of the torsion, 

which increased the tensile strains at the flange edges.  
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Figure 7-24: Comparison of compressive strains at the flange edges (Pos. A and D) 

 

 

Figure 7-25: Comparison of compressive strains at the flange-web corners (Pos. A and D) 
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Figure 7-26: Comparison of compressive strains at the flange edges (Pos. B and E) 

 

 Figure 7-27: Comparison of compressive strains at the flange-web corners (Pos. C and F) 
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Figure 7-28: Comparison of tensile strains at the flange edges (Pos. A and D) 
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7.8 Model Results (CW-4) 

7.8.1 General 

The WLP shown in Figure 7-16 was applied to the model of CW-4. The axial loading during the 

OOP loading, which was held constant at 0.1Agf ’c for CW-2 and 0.05Agf ’c for CW-3, was decreased 

to 0.075Agf ’c for CW-4 when flange edges were under compression. After the WLP, the SLP 

consisted of applying two biaxial cycles at 2.0ϴy and 3.0ϴy, and one biaxial cycle at 4.5ϴy (Figure 

2-41). However, as opposed to WLP, the axial load during the application of OOP loading was not 

decreased but held constant at 0.1Agf ’c. 

7.8.2 Base Moment-Hinge Rotation Responses 

Figure 7-29 shows the comparison of the in-plane base moment-hinge rotation responses 

calculated using the model and the experimental results. The model predicted the strength, 

stiffness, and pinching behavior of the CW-4 very well. The effective lateral stiffness at first yield 

calculated using the model results, 0.31EcIg and 0.33EcIg in the positive and negative directions, 

were very similar to the experimental values, 0.29EcIg and 0.32EcIg in the positive and negative 

directions, respectively. The base moment at the maximum hinge rotation demands during the 

WLP (±0.9%) for the model were also very similar to the experimental results, i.e., 0.93 and 0.99 

times the experimental values at the positive and negative directions, respectively. Similar to the 

experimental results, no strength loss was observed during the WLP. During the SLP, at the same 

rotation demands as applied during the WLP, the model base moment values were also similar to 

the values observed during testing, i.e., at ±0.9% rotation demands of the SLP, the model base 

moment values were 0.92 and 0.99 times the experimental values. At the 1.35% rotation demands 

of the SLP, very similar to the experimental results, the model base moment values were 0.86 and 

0.94 times the values recorded for CW-3. Figure 7-30 shows the out-of-plane base moment-hinge 
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rotation responses of the model and the experiment. The last cycles in the OOP direction applied 

at +1.35% IP hinge rotation demands are shown with black dashed lines in Figure 7-30. During 

testing, at the last cycle, the maximum OOP base moment was approximately 0.8 times the base 

moment values applied in previous cycles. In the model, a maximum OOP base moment value of 

0.64 times the maximum OOP base moment value applied previously was observed before sudden 

strength loss occurred due to concrete crushing at the east flange edge, which resulted in base 

moment values 0.35 times the maximum value recorded. Although the strength loss was more 

abrupt in the model compared to the experiment, the model was able to capture the concrete 

crushing at the same in-plane hinge rotation demands (+1.35%) as the experimental demands.  

 

 

Figure 7-29: Comparison IP base moment-hinge rotation responses 
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Figure 7-30: Comparison OOP base moment-hinge rotation responses 

 

7.8.3 Axial Strains 

Figures Figure 7-31 throughFigure 7-34 show a comparison of the compressive strains at the flange 

edges and flange-web corners under in-plane loading only (Pos. A and D) and after the application 

of OOP demands (Pos. B, E, C, and F). The model results show the strains measured at the outer 

layer flange MVLEM-3D elements and at the fibers representing the positions where the LVDTs 

were attached to the specimen during the tests. The experimental strains at the concrete surfaces 

were estimated using the Layer 1 LVDTs and predicted neutral axis depths. In general, the model 

strain predictions were lower than the experimental values, except for the east flange edge at Pos. 

E, where the model results were higher. The model and experimental values were closest at the 

maximum WLP hinge rotation demands (±0.9%). At hinge rotation demands higher than ±0.9% 

rotation demands, i.e., at ±1.35% rotation demands of the SLP, the model predictions were higher 

than the experimental values. Figure 7-35 shows the tensile strains from the model and the 

experimental results at the flange edges at Pos. A and D. The comparison of the model and 

experimental results showed different behavior for the east and west flanges. For the east flange, 
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the model results were as high as 1.83 times and as low as 1.33 times the experimental results, 

whereas, for the west flange, the model results were lower; approximately 0.8 times at the lower 

level rotation demands (less than 0.75%) and 0.6 times the experimental values at the higher level 

demands. The differences between the flange edge tensile strains in the experimental results might 

be due to different torsional behaviors observed for different flanges, i.e., when the east flange was 

under tension, high positive OOP rotations (0.7%) were calculated for the east flange which 

decreased the tensile strains at the east flange edge, whereas, the OOP rotations were closer to zero 

for the west flange when the west flange was under tension (Figure 5-40a). 

 

 

Figure 7-31: Comparison of compressive strains at the flange edges (Pos. A and D) 
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Figure 7-32: Comparison of compressive strains at the flange-web corners (Pos. A and D) 

 

 

Figure 7-33: Comparison of compressive strains at the flange edges (Pos. B and E) 
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Figure 7-34: Comparison of compressive strains at the flange-web corners (Pos. C and F) 

 

 

Figure 7-35: Comparison of tensile strains at the flange edges (Pos. A and D) 
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7.9 Modeling Strain Penetration Effects and Lap Splices 

7.9.1 General 

Experimental results showed that the lap splice regions of the C-shaped walls were significantly 

stiffer and stronger than the regions above the splice. Tensile strains in the splice regions remained 

below or near the yield strain of the longitudinal reinforcement, resulting in curvature values that 

were 10 to 12 times lower than those observed above the splice. 

Displacements due to slip and extension of the longitudinal bars were measured using LVDTs 

mounted between the wall footing and the flanges at a height of 63 mm (2.5 in., Figure 2-25). 

These slip/extension-induced rotations accounted for approximately 20% of the total lateral IP 

displacement at the wall top (Figure 6-24 through Figure 6-26). 

Further analysis revealed that, for the walls with ρl = 1.5% (CW-2, CW-3, and CW-4), the added 

stiffness associated with the lap spliced regions was essentially offset by the flexibility introduced 

by slip/extension deformations at the wall-footing interface. As a result, simplified models 

excluding both effects (splice and slip/extension) were still able to match the experimental 

responses reasonable well (Sections 7.5 through 7.8). However, because slip/extension can 

significantly increase hinge rotations (or drift ratios), and lap splices can shift plastic hinge 

locations above the splice region, additional analytical studies were conducted to study the possible 

impacts of these effects explicitly.  

7.9.2 Slip Penetration Elements 

To simulate the slip and extension behavior of longitudinal reinforcement at the wall base, 

additional MVLEM-3D elements—referred to as strain penetration elements—were introduced 

(Figure 7-36). The steel reinforcement in these elements was modeled using the Bond_SP01 

material model developed by Zhao and Sritharan (2007), which employs a cyclic stress–
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displacement (slip) hysteresis to capture rebar slip-induced deformations. The key parameters of 

this model, namely the rebar slip at yield (Sy) and at ultimate strength (Su), were determined using 

the analytical expressions proposed by Alsiwat and Saatcioglu (1992), see Table 7-2. The length 

of the strain penetration elements was calculated as Sy/εy, where εy is the rebar yield strain, 

following the approach outlined by Alvarez et al. (2020). 

 

Figure 7-36: a) Original model and b) revised model with strain penetration elements 

 

Table 7-2: Material properties for the strain penetration elements 

Concrete_CM 
f'c (MPa) ε'c Ec (MPa) rc xcrn f't (MPa) 

138 0.008 52,310 1.01 1.00 0.0 

Bond_SP01 
Fy (MPa) Sy (mm) Fu (MPa) Su (mm) b R 

610 0.51 758 19.8 0.5 1.0 

 

Based on sensitivity analyses, the ConcreteCM (C_CM) model was selected to represent the 

concrete material due to its enhanced ability to simulate pinching behavior under cyclic loading. 
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To limit compressive strain demands in the strain penetration region, the concrete compressive 

strength was set to a high value (f ’c = 138 MPa [20 ksi], Table 7-2), whereas the concrete tensile 

strength was set to zero. Although Zhao and Sritharan (2007) recommended use of perfectly plastic 

behavior with conventional concrete strength for zero-length strain penetration elements, more 

recent findings (Tura et al., 2025) recommend using an approximately linear elastic stress–strain 

response in compression for strain penetration elements with finite depth.  

To replicate the boundary conditions observed in the experiments, the translational degrees of 

freedom in the x and y directions were restrained at the nodes located above the strain penetration 

elements (Figure 7-36), and the vertical translational DOF (z-direction) and all three rotational 

DOFs were unrestrained. As mentioned previously, four LVDTs with a gauge length of 6.3 cm (2.5 

in., Figure 2-25) were mounted on the wall flanges across the wall-footing interface to capture slip 

behavior. To facilitate direct comparison between experimental and analytical results, the original 

25.4 cm (10 in.) deep Layer 1 elements (Figure 7-4 and Figure 7-6) were subdivided into 6.3 cm 

(2.5 in.) deep Layer 0 element and 19.1 cm (7.5 in.) deep Layer 1 element (Figure 7-36). Material 

regularization for concrete stress-strain responses were adjusted to account for the new layer 

heights. 

7.9.3 Lap Splices 

Lap splices were modeled by modifying the steel material properties in the Layer 1 and Layer 2 

elements (Figure 7-36). Specifically, to prevent yielding of the longitudinal reinforcement within 

the splice zone, the yield strength of the Steel_MPF (S_MPF) model was increased to 827 MPa 

(120 ksi; that is, taken equal to 1.5fy), exceeding the ultimate strength used in the regions above 

the splice. Additionally, the elastic stiffness of the reinforcement was doubled to reflect the 

increased stiffness of the splice region. However, the material properties of Layer 0, although 
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within the splice region, were not altered because experimental results indicated that reinforcement 

yielding occurred at the wall-foundation interface. 

7.9.4 Model Results 

CW-4 experimental results were used to compare with the analytical results produced with the 

model described in this section. CW-4 was chosen because it was one of two tests (CW-2 and CW-

4) where the original model was able to predict the observed strength loss (due to concrete 

crushing, Figure 7-17 and Figure 7-29), and because a more complex SLP was applied to CW-4 

compared to CW-2. Figure 7-37a shows the experimental and analytical IP base moment – hinge 

rotation responses. The model behavior for the more advanced model is very similar to the original 

model (Figure 7-29); therefore, the advanced model was able to predict the experimental results 

well, including the observed strength loss in the IP and OOP directions. In addition to the IP hinge 

rotations, the deformations measured due to the slip/extension were also compared with the model 

results. The LVDTs attached to the bottom 6.3 cm (2.5 in.) of CW-4 were used to calculate the 

rotations at the base of the wall; therefore, the measurements include the rotations due to the 

slip/extension of the longitudinal reinforcement at the wall-foundation interface and the flexural 

rotations over the bottom 6.3 cm of the wall. Similarly, the vertical displacements of the nodes 

above Layer 0 (NSW,Slip and NSE,Slip, Figure 7-36) were used to calculate the rotation over this region 

to allow a direct comparison. Figure 7-37b shows the IP base moment – slip/extension + Layer 0 

flexural rotation (θSE+L0) comparison for the model and the test results. In general, the model 

response is stiffer than that of the test wall, with model results (θSE+L0) for the WLP of 0.75 to 0.85 

of the test results. After the initiation of strength loss during the SLP, the model results were closer 

to the experimental results, with model/test ratios of 0.99 and 0.88 at -1.35% and +1.35% IP hinge 

rotations, respectively. The underestimation of slip-related deformations is attributed to the Alsiwat 
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and Saatcioglu (1992) bond-slip model used to calibrate the Bond_SP01 parameters, as the model 

was developed based on monotonic rebar tests, which are likely to underrepresent the cyclic slip 

behavior observed in the test wall. 

 

Figure 7-37: Advanced model results for CW-4, a) IP Base Moment – Hinge Rotation 

response and b) IP Base Moment – S/E Rotation response  
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8. Summary and Conclusions 

Four approximately one-third-scaled C-shaped walls were tested in two phases to investigate the 

behavior of the ordinary reinforced concrete structural walls under wind loading protocols. For the 

Phase-I walls, the longitudinal reinforcement ratio (ρl) was varied. Given the large range of ρl 

values observed from the actual buildings designed and constructed in the high-wind zones in the 

United States, a ρl value of 0.75% was chosen for the first wall (CW-1) to represent the walls with 

low-to-moderate reinforcement ratios, whereas, for the second wall (CW-2), a ρl value of 1.5% 

was chosen to represent the walls with moderate-to-high longitudinal reinforcement ratios. Grade 

60 #3 bars were used for the longitudinal reinforcement of CW-1, and Grade 80 #4 bars were used 

for CW-2; therefore, the Asfy value for CW-2 was 2.67 times that for CW-1. Since the test walls 

represented buildings designed in low seismic zones, the detailing of the walls was based on 

Chapter 11 provisions of ACI 318-19 (Ordinary walls) instead of Chapter 18 provisions (Special 

walls). The review of the drawings from actual buildings showed that the C-shaped walls of these 

buildings had uniform distribution of longitudinal reinforcement, and U-bars at wall edges and 

corners that overlap with wall horizontal web reinforcement. Given that lap splices are commonly 

used at critical sections of Ordinary walls, lap splices were also used in the test specimens. The 

design of the lap splices were based on T-beams tested under wind loading protocols (Unal et al., 

2024 and Halim, 2024). Phase-II walls (CW-3 and CW-4) had the same cross-section dimensions 

as CW-1 and CW-2 and the same amount of longitudinal reinforcement as CW-2 (1.5%). The test 

variables for CW-3 and CW-4 were the amount of confinement provided at the flange edges and 

the amount of axial load applied during the biaxial wind loading protocol. Instead of U-bars at wall 

flange edges, CW-3 had a hoop that confined the first two layers of vertical reinforcement over an 

assumed upper bound plastic hinge length at the flange edges. A longer hoop was used for CW-4 
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to confine the first three layers of vertical reinforcement at the flange edges. An axial load of 

0.1Agf ’c was used for all walls during the in-plane loading. For Phase-I walls, the axial load was 

held constant at 0.1Agf ’c during the biaxial loading. However, for Phase-II walls, during the biaxial 

loading, when the flange edges were under compression, axial load was decreased to 0.05Agf ’c and 

0.075Agf ’c for CW-3 and CW-4, respectively, to account for the variation in axial load due to the 

presence of coupling beams. Based on the experimental results of the Phase-I and Phase-II tests, 

the following observations and conclusions are made: 

1. The wall with the lower longitudinal reinforcement ratio (CW-1, ρl=0.75%) sustained no 

damage (e.g., concrete spalling, concrete crushing, rebar buckling, or rebar rupture) during 

the WLP. The residual flexural crack widths were very small (around 0.1 mm).  

2. The effective lateral stiffness at first yield was found to be 0.40EcIg for CW-1, which was 

higher than the value calculated using ACI 369.1-22 provisions (0.29EcIg). 

3. CW-1 failed at 2% hinge rotation demands (rotational ductility of 20) during the SLP due 

to buckling of longitudinal reinforcement and concrete crushing at the west flange above 

the spliced region. The rotation capacity of 2% was also calculated using the ACI 369.1-

22 provisions. The maximum drift ratio measured at the top of the walls, representing 

approximately second-story drift ratios of a cantilever wall, was 2.78% during the SLP 

(displacement ductility of 18.5).  

4. The failure of CW-1 at a very high rotational ductility demand (20ϴy) and the fact that no 

damage was observed during WLP suggest that moderate inelasticity during extreme wind 

events for Ordinary walls with low-to-moderate longitudinal reinforcement ratios can be 

allowed. However, given that the failure of CW-1 was due to longitudinal reinforcement 
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buckling above the splice regions, the level of axial load and the spacing of the horizontal 

reinforcement must be carefully considered.  

5. The walls with higher longitudinal reinforcement ratios (CW-2, CW-3, and CW-4) damage 

at the flange-web corners was limited to cover spalling during the WLP, i.e., no core 

concrete crushing or bar buckling was observed. However, depending on the level of axial 

load applied during the biaxial loading and the amount of confinement provided, more 

damage was observed at the flange edges compared to the corners. For CW-2, where the 

axial load was kept constant at 0.1Agf ’c during biaxial loading and U-bars were used with 

crossties to provide confinement, the damage was significant at the flange edges during 

the WLP (including ramp-down loading). At the base of the east flange, approximately 

23% of the total length of the flange sustained substantial concrete crushing, and 

longitudinal bar buckling was observed above the footing-wall interface for the extreme 

layer flange edge longitudinal reinforcement.  

6. The variation of axial load during biaxial loading (when the flange edges were under 

compression) resulted in less damage for Phase-II walls during the WLP. For CW-4, where 

the axial load was decreased to 0.075Agf ’c, cover spalling and bar buckling were observed 

above the wall-footing interface of the west flange edge, and cover spalling, bar buckling, 

and bar fracture were observed above the wall-footing interface of the east flange edge. 

No core concrete crushing was observed. Since even lower axial loads were applied during 

the biaxial loading when the flange edges were under compression for CW-3 

(P=0.05Agf ’c), less damage was observed than for CW-2 and CW-4. Only cover spalling 

was observed at the base of the east flange edge after the completion of the WLP for CW-

3. 
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7.  For the walls with higher longitudinal reinforcement ratios (CW-2, CW-3, and CW-4), the 

inelastic ramp-down loading of the WLP had a significant effect on the damage observed 

in these walls. Although some damage was observed during the ramp-up loading (only for 

CW-2 and CW-4), most of the damage occurred during the inelastic ramp-down loading. 

The elastic ramp-down cycles did not result in additional damage for CW-3 and CW-4. 

However, for CW-2, the 500 force-controlled cycles at 0.4Mpr demands did increase the 

damage observed at the base of the east flange edge.  

8.  The overlapping of longitudinal reinforcement over the splice region along with the tighter 

spacing of transverse reinforcement used over the splice region resulted in a stiffer (and 

stronger) splice region than the upper part of the walls. Accordingly, the damage was 

concentrated primarily right at the wall-footing interfaces and above the splice regions. 

The lower tensile strains measured in the splice regions resulted in lower 

curvatures/rotations than measured immediately above the splices. Therefore, the assumed 

plastic hinge length was increased by the splice length (Lp=lw/2+Ls). The maximum 

rotation demand applied during the WLP was found to be higher than 3.0ϴy when the 

hinge rotations were recalculated using Lp=lw/2+Ls. Rotational ductilities of 3.8, 4.2, and 

4.9 were applied at the maximum rotation demands of WLP for CW-2, CW-3, and CW-4.  

9. Given the high rotational ductility demands of 4.2 and 4.9 applied during WLP for CW-3 

and CW-4 and that the observed damage was limited, modest inelasticity can be allowed 

for Ordinary walls with higher longitudinal reinforcement ratios (ρl=1.5%) depending on 

the axial load level for biaxial loading when the flange edges are under compression and 

the level of detailing provided at the flange edges. Given that the detailed analytical models 

presented in Chapter 7 reasonably predict the compressive strains and, therefore, the 
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concrete crushing due to high compressive strains, similar models can be used to predict 

the behavior of walls with different configurations and different levels of axial loads. 

10. The average effective lateral stiffness value for CW-2, CW-3, and CW-4 at first yield was 

found to be similar to the value calculated using the ACI 369.1-22 provisions; 0.32EcIg 

versus 0.29EcIg. 

11. Due to the extensive damage observed during the WLP, the base moment values for CW-

2 were approximately 0.67 times the base moment values recorded for CW-3 at the 

maximum hinge rotation demands of the SLP before a sudden failure occurred. The failure 

of CW-2 occurred at 1.60% hinge rotation demands (calculated using Lp=lw/2+Ls) due to 

concrete crushing, longitudinal bar buckling, and bar rupture of the damaged east flange 

during the SLP. No strength loss was observed for CW-3 during the SLP prior to flange 

out-of-plane instability. Maximum hinge rotation demands (calculated using Lp=lw/2+Ls) 

of 2.39% and maximum drift ratios of 3.30% were observed. The failure of CW-3 was due 

to the out-of-plane instability of the east flange, which occurred at around 57 in. above the 

footing. It should be noted that the location of the failure represents approximately the top 

of the first floor in a real building at which the floor slab would be connected to the core 

wall; therefore, the restraint of the floor slab would likely restrain the out-of-plane 

instability until higher rotation demands were applied. Therefore, the test results likely 

represent a lower-bound rotational/displacement capacity of CW-3 given conditions in 

actual buildings.  

12. Given that the damage at the end of the WLP was similar for CW-3 and CW-4, instead of 

using an in-plane seismic loading protocol similar to the one applied to CW-3, a SLP with 

a biaxial loading protocol that was similar to the WLP of CW-2 (constant axial load of 
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0.1Agf ’c) was applied to CW-4. Application of biaxial loading with high in-plane hinge 

rotation demands (2 cycles at around 3.0ϴy and 2 cycles at around 4.0ϴy, calculated using 

Lp=lw/2+Ls) under high axial loads (0.1Agf ’c) did not result in a significant damage or 

strength loss for CW-4; therefore, the moderate confinement provided at the flange edges 

was effective. The failure occurred due to concrete crushing and bar buckling/rupture 

during the biaxial cycle at 1.76% in-plane hinge rotation demands (calculated using 

Lp=lw/2+Ls) or 2.4% drift ratios when the east flange edge was under compression. The 

results indicate that the deformation capacity of CW-4 under biaxial loading with high in-

plane rotation demands and higher axial load is around 6 times the yield rotation.  

13. The plastic hinge rotation capacities were found to be 2.1% for CW-2, CW-3, and CW-4, 

calculated using the ACI 369.1-22 provisions. While lower hinge rotation demands than 

2.1% were reached for the wall that was extensively damaged during the WLP (CW-2, 

1.60%) and the wall that experienced significant strength loss during the biaxial SLP in the 

OOP direction (CW-4, 1.76%), higher rotation demands were observed for the wall that 

did not experience any significant damage or strength loss during the WLP, and an uniaxial 

SLP was applied (CW-3, 2.39%). 

14. Strain-based acceptance criteria are recommended with peak compressive strain limits of 

0.0025 (strain at peak unconfined stress) and 0.0037 for Operational and Continuous 

Occupancy performance objectives of the ASCE Prestandard for PBWD, respectively. In 

addition, lower compressive strain limits are provided based on the number of cycles at or 

below the given strain limit.  

15. The analytical models created using MVLEM-3D showed that the behavior of C-shaped 

walls (both global and local) under complex loading protocols can reasonably be predicted. 
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The model results matched the stiffness, moment capacities, and pinching behavior of the 

walls well. For CW-2, strength loss and failure due to concrete crushing were also 

predicted. For CW-1 and CW-3, since the bar buckling and out-of-plane instability 

mechanisms were not modeled, the model did not predict the displacement capacity of 

these walls. The 𝜀𝑝
∗ models for the predictions of bar buckling, and Paulay and Priestly 

(1993) and Chai and Elayer (1999) models for the prediction of the out-of-plane instability 

underestimated the tensile strains that the failure was observed during testing. 

16. More advanced models, to account for slip and extension of reinforcement from the 

foundation and the overlapping of reinforcement at the splice region improved agreement 

with experimental base slip and extension behavior by incorporating strain penetration 

elements. The more advanced models could be used to study a broader range of wall 

geometries, reinforcement configurations, and wind loading protocols to potentially 

develop more comprehensive acceptance criteria and simplified design/detailing rules.  
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Appendix A. Bar Buckling Models (𝜺𝒑
∗  models) 

The 𝜀𝑝
∗ models developed by Rodriguez et al. (1999), Moyer and Kowalsky (2003), Hilson et al. 

(2014), Motter et al. (2018), and Rodriguez and Iñiguez (2019) provide a relationship between the 

spacing of the transverse bars around the longitudinal reinforcement and the critical strains (𝜀𝑝
∗) at 

the onset of buckling of the longitudinal rebars. The 𝜀𝑝
∗  values were calculated as follows, where a 

slight variation was made by Rodriguez and Iñiguez (2019) compared to the one proposed by 

Rodriguez et al. (1999). 

𝜀𝑝
∗ = 𝜀𝑜 − 𝜀𝑠𝑐 (𝑅𝑜𝑑𝑟𝑖𝑔𝑢𝑒𝑧 𝑒𝑡 𝑎𝑙. , 1999) (A.1) 

𝜀𝑝
∗ = 𝜀𝑠𝑡 − 𝜀𝑠𝑐 (𝑅𝑜𝑑𝑟𝑖𝑔𝑢𝑒𝑧 𝑎𝑛𝑑 𝐼𝑛𝑖𝑔𝑢𝑒𝑧, 2019) (A.2) 

where 𝜀𝑜 is the axial strains at zero loading after reversal from tension, and 𝜀𝑠𝑡 and 𝜀𝑠𝑐 are the peak 

tensile and compressive strain demands during a cycle. 

 

Figure A-1: Definition of 𝜺𝒑
∗  (Rodriguez and Iñiguez 2019) 

 

Figure A-2 shows the relationship between the 𝜀𝑝
∗  value and the ratio of the transverse 

reinforcement spacing (s) to the diameter of the longitudinal reinforcement (db). The figure 
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includes the relationships developed by Rodriguez et al. (1999) and Moyer and Kowalsky (2003), 

and also the test data from Hilson et al. (2014) and Motter et al. (2018). Based on this, Motter et 

al. (2018) proposed the following for the estimation of 𝜀𝑝
∗  given s/db.  

 

𝜀𝑝
∗ = 0.03 − 0.00167 (

𝑠

𝑑𝑏
− 6)  𝑓𝑜𝑟 6 ≤

𝑠

𝑑𝑏
≤ 16 

𝜀𝑝
∗ = 0.09 − 0.015 (

𝑠

𝑑𝑏
− 2)  𝑓𝑜𝑟 

𝑠

𝑑𝑏
≤ 6 

(A.3) 

 

 

Figure A-2: 𝜺𝒑
∗  versus s/db (Motter et al. 2018) 

 

A similar relationship developed by Rodriguez and Iñiguez (2019) that uses different column and 

wall experimental results found in the literature, is given below and shown in Figure A-3. 

0.02 ≤ 𝜀𝑝
∗ =

11 − 𝑠 𝑑𝑏⁄

150
≤ 0.06 (A.4) 
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Figure A-3: 𝜺𝒑
∗  versus s/db (Rodriguez and Iñiguez, 2019) 

 

 

Using Equations (A.3 and (A.4, the critical strains at the onset of bar buckling were calculated and 

shown in Table A-1 for CW-1 and CW-2 with 6 in. spacing of transverse reinforcement above the 

spliced region. While for CW-2, the 𝜀𝑝
∗  value was found to be 0.02 for both using the Equation 

(A.3 and (A.4, for CW-1, it was 0.013 with Equation (A.3 and 0.02 with Equation (A.4. For the 

calculation of the rotations at the onset of bar buckling with s=6 in. a 𝜀𝑝
∗  value of 0.013 was used 

for CW-1 to consider the worst-case scenario.   
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Table A-1: 𝜺𝒑
∗  values for CW-1 and CW-2 with 6 in. spacing of transverse reinforcement 

above Ls 

 CW-1 CW-2 

Longitudinal bar diameter (db) 0.375 in. 0.5 in. 

Spacing above Ls (s) 6 in. 6 in. 

s/db 16 12 

𝜀𝑝
∗  (Motter et al. 2018) 0.013 0.02 

𝜀𝑝
∗  ( Rodriguez and Iñiguez, 2019) 0.02 0.02 

 

 

Analytical analysis of the test walls under monotonic loading using the expected material 

properties (Section 2.3) was done to estimate the moment and rotation values when the rebar strains 

of the outer layers of the wall flange longitudinal reinforcement reached the 𝜀𝑝
∗  values above the 

spliced region. Table A-2 shows the calculated values where the moment above the spliced region 

was estimated to reach the given 𝜀𝑝
∗  values at that region. Using the shear span ratios given in 

Section 2.2.3, the base moment and the corresponding base curvature were also calculated. The 

hinge rotations were calculated using a similar approach shown in Figure F-5, which resulted in 

0.61% and 0.96%, respectively, for CW-1 and CW-2-3-4. These results were compared with the 

predicted yield rotations due to flexural (Appendix F) and due to the effect of rebar slip/extension 

(Appendix G). The total predicted analytical yield rotations (flexural + slip, ϴy,t,a  = ϴy,f,a + ϴy,s,a) 

were found to be 0.14% and 0.25% for CW-1 and CW-2-3-4, respectively. Therefore, a failure due 

to bar buckling above the spliced region was expected at approximately 4.4ϴy and 3.8ϴy for CW-

1 and CW-2-3-4, respectively. Although these rotation demands were higher than the maximum 

demand of the WLP, i.e., 3ϴy, the expressions developed for the 𝜀𝑝
∗ models were based on test 
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results where the specimens were subjected to seismic loading protocols. Since the C-shaped test 

specimens were subjected to wind loading protocols where the number of cycles is significantly 

higher compared to seismic protocols, the spacing of the transverse reinforcement above the 

spliced region was decreased to 3 in. to prevent a premature failure due to bar buckling. Table A-3 

shows the calculations with s = 3 in. above the spliced region. 

  

Table A-2: Expected moment and rotation demands at the onset of bar buckling above 

spliced region with s = 6 in. 

 CW-1 CW-2 

𝜀𝑝
∗  (Motter et al. 2018) 0.013 in./in. 0.02 in./in. 

Moment above Ls, 𝑀𝐿𝑠 2383 k-ft 3959 k-ft 

Tensile strains above Ls, 𝜀𝑠𝑡,𝐿𝑠  0.012 in./in. 0.018 in./in. 

Compressive strains above Ls, 𝜀𝑠𝑐,𝐿𝑠 -0.001 in./in. -0.002 in./in. 

Moment at the base, Mbase 2453 k-ft 4110 k-ft 

In-plane hinge rotation, ϴIP,LP 0.61% 0.96% 
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Table A-3: Expected moment and rotation demands at the onset of bar buckling above 

spliced region with s = 3 in. 

 CW-1 CW-2 

Longitudinal bar diameter (db) 0.375 in. 0.5 in. 

Spacing above Ls (s) 3 in. 3 in. 

s/db 8 6 

𝜀𝑝
∗  (Motter et al. 2018) 0.027 0.030 

Moment above Ls, 𝑀𝐿𝑠 2521 k-ft 4087 k-ft 

Tensile strains above Ls, 𝜀𝑠𝑡,𝐿𝑠  0.025 in./in. 0.027 in./in. 

Compressive strains above Ls, 𝜀𝑠𝑐,𝐿𝑠 -0.002 in./in. -0.003 in./in. 

Moment at the base, Mbase 2595 k-ft 4345 k-ft 

In-plane hinge rotation, ϴIP,LP 1.1% 2.3% 
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Appendix B. Development Length Calculations 

Development length (ACI 318-19 Section 25.4.2.4) 

𝑙𝑑 = [
3

40

𝑓𝑦

𝜆√𝑓𝑐
′

𝛹𝑡𝛹𝑒𝛹𝑠𝛹𝑔 

(
𝑐𝑏 + 𝐾𝑡𝑟

𝑑𝑏
)

] 𝑑𝑙 

𝐾𝑡𝑟 =
40𝐴𝑡𝑟

𝑠𝑛
 

 

• CW-1 Wall Vertical Reinforcement  

𝑓𝑦 = 60 𝑘𝑠𝑖 

𝑓𝑐
′ = 8 𝑘𝑠𝑖 (𝑒𝑥𝑝𝑒𝑐𝑡𝑒𝑑) 

𝑑𝑙 = 3/8" (#3); 𝑑𝑡 = 2/8" (#2) 

𝛹𝑡 = 1.0; 𝛹𝑒 = 1.0; 𝛹𝑠 = 0.8; 𝛹𝑔 = 1.0 

𝜆 = 1.0 

𝑡𝑤 = 𝑡𝑓 = 5" 

𝑐𝑐 = 3/8" (clear cover to the transverse reinforcement) 

𝑐𝑏,1 =  𝑐𝑐 + 𝑑𝑡 +
𝑑𝑙

2
 

(distance from the center of the spliced reinforcement to the nearest concrete surface) 

𝑐𝑏,2 =  (𝑡𝑓 − 2 ∗ (𝑐𝑏,1))/2 (one-half of the center-to-center spacing between longitudinal 

reinforcement) 

𝑐𝑏 = min(𝑐𝑏,1, 𝑐𝑏,2) 

𝑐𝑏 = min(0.813 𝑖𝑛. ,1.688 𝑖𝑛. ) 

𝑐𝑏 = 0.813 𝑖𝑛. 
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𝐾𝑡𝑟 =
40 × 2 × 𝜋 ×

0.25
4

2

2 𝑖𝑛.× 2
= 0.98 

𝑐𝑏 + 𝐾𝑡𝑟

𝑑𝑏
=

0.813" + 0.98

3
8 "

= 4.8 ≥ 2.5 

𝑙𝑑 = [
3

40

60000 𝑝𝑠𝑖

1.0 × √8000 𝑝𝑠𝑖

1.0 × 1.0 × 0.8 × 1.0 

(2.5)
]

3

8
= 6.04 𝑖𝑛. 

𝑙𝑠 ,𝐶𝑊1 = 1.25 × 1.3 × 𝑙𝑑 = 9.8 𝑖𝑛 

 

• CW-2 Wall Vertical Reinforcement  

𝑓𝑦 = 80 𝑘𝑠𝑖 

𝑓𝑐
′ = 8 𝑘𝑠𝑖 (𝑒𝑥𝑝𝑒𝑐𝑡𝑒𝑑) 

𝑑𝑙 = 4/8" (#4); 𝑑𝑡 = 2/8" (#2) 

𝛹𝑡 = 1.0; 𝛹𝑒 = 1.0; 𝛹𝑠 = 0.8; 𝛹𝑔 = 1.15 

𝜆 = 1.0 

𝑡𝑤 = 𝑡𝑓 = 5" 

𝑐𝑐 = 5/8" (clear cover to the transverse reinforcement) 

𝑐𝑏,1 =  𝑐𝑐 + 𝑑𝑡 +
𝑑𝑙

2
 (distance from the center of the spliced reinforcement to the nearest 

concrete surface) 

𝑐𝑏,2 =  (𝑡𝑓 − 2 ∗ (𝑐𝑏,1))/2 (one-half of the center-to-center spacing between longitudinal 

reinforcement) 

𝑐𝑏 = min(𝑐𝑏,1, 𝑐𝑏,2) 

𝑐𝑏 = min(1.125 𝑖𝑛. ,1.375 𝑖𝑛. ) 

𝑐𝑏 = 1.125 𝑖𝑛. 
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𝐾𝑡𝑟 =
40 × 2 × 𝜋 ×

0.25
4

2

2 𝑖𝑛.× 2
= 0.98 

𝑐𝑏 + 𝐾𝑡𝑟

𝑑𝑏
=

1.125" + 0.98

4
8 "

= 4.2 ≥ 2.5 

𝑙𝑑 = [
3

40

80000 𝑝𝑠𝑖

1.0 × √8000 𝑝𝑠𝑖

1.0 × 1.0 × 0.8 × 1.15 

(2.5)
]

4

8
= 12.34 𝑖𝑛. 

𝑙𝑠 ,𝐶𝑊2 = 1.25 × 1.3 × 𝑙𝑑 = 20.1 𝑖𝑛 

 

• CW-1 Wall Overlapping U-bars  

𝑓𝑦 = 60 𝑘𝑠𝑖 

𝑓𝑐
′ = 8 𝑘𝑠𝑖 (𝑒𝑥𝑝𝑒𝑐𝑡𝑒𝑑) 

𝑑𝑡 = 2/8" (#2) 

𝛹𝑡 = 1.3; 𝛹𝑒 = 1.0; 𝛹𝑠 = 0.8; 𝛹𝑔 = 1.0 

𝜆 = 1.0 

𝑡𝑤 = 𝑡𝑓 = 5" 

𝑐𝑐 = 3/8" (clear cover to the transverse reinforcement) 

𝑐𝑏,1 =  𝑐𝑐 +
𝑑𝑡

2
 (distance from the center of the spliced reinforcement to the nearest concrete 

surface) 

𝑐𝑏,2 =  (𝑡𝑓 − 2 ∗ (𝑐𝑏,1))/2 (one-half of the center-to-center spacing between longitudinal 

reinforcement) 

𝑐𝑏 = min(𝑐𝑏,1, 𝑐𝑏,2) 

𝑐𝑏 = min(0.5 𝑖𝑛. ,2 𝑖𝑛. ) 

𝑐𝑏 = 0.5 𝑖𝑛. 
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𝐾𝑡𝑟 = 0 

𝑐𝑏 + 𝐾𝑡𝑟

𝑑𝑏
=

0.5" + 0

2
8 "

= 2.0 ≤ 2.5 

𝑙𝑑 = [
3

40

60000 𝑝𝑠𝑖

1.0 × √8000 𝑝𝑠𝑖

1.3 × 1.0 × 0.8 × 1.0 

(2.0)
]

2

8
= 6.54 𝑖𝑛. 

𝑙𝑠 ,𝐶𝑊1,𝑈𝑏𝑎𝑟𝑠 = 1.3 × 𝑙𝑑 = 8.5 𝑖𝑛 

 

• CW-2 Wall Overlapping U-bars  

𝑓𝑦 = 60 𝑘𝑠𝑖 

𝑓𝑐
′ = 8 𝑘𝑠𝑖 (𝑒𝑥𝑝𝑒𝑐𝑡𝑒𝑑) 

𝑑𝑡 = 2/8" (#2) 

𝛹𝑡 = 1.3; 𝛹𝑒 = 1.0; 𝛹𝑠 = 0.8; 𝛹𝑔 = 1.0 

𝜆 = 1.0 

𝑡𝑤 = 𝑡𝑓 = 5" 

𝑐𝑐 = 5/8" (clear cover to the transverse reinforcement) 

𝑐𝑏,1 =  𝑐𝑐 +
𝑑𝑡

2
 (distance from the center of the spliced reinforcement to the nearest concrete 

surface) 

𝑐𝑏,2 =  (𝑡𝑓 − 2 ∗ (𝑐𝑏,1))/2 (one-half of the center-to-center spacing between longitudinal 

reinforcement) 

𝑐𝑏 = min(𝑐𝑏,1, 𝑐𝑏,2) 

𝑐𝑏 = min(0.75 𝑖𝑛. ,1.75 𝑖𝑛. ) 

𝑐𝑏 = 0.75 𝑖𝑛. 

𝐾𝑡𝑟 = 0 
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𝑐𝑏 + 𝐾𝑡𝑟

𝑑𝑏
=

0.75" + 0

2
8 "

= 3.0 ≥ 2.5 

𝑙𝑑 = [
3

40

60000 𝑝𝑠𝑖

1.0 × √8000 𝑝𝑠𝑖

1.3 × 1.0 × 0.8 × 1.0 

(2.5)
]

2

8
= 5.23 𝑖𝑛. 

𝑙𝑠 ,𝐶𝑊2,𝑈𝑏𝑎𝑟𝑠 = 1.3 × 𝑙𝑑 = 6.8 𝑖𝑛 

 

Development length of standard hooks (ACI 318-19 Section 25.4.3) 

𝑙𝑑ℎ = [
𝑓𝑦

𝜆√𝑓𝑐
′

𝛹𝑒𝛹𝑟𝛹𝑜𝛹𝑐 

55
] 𝑑𝑙

1.5 

 

• CW-1 Wall Starter Reinforcement (Anchored into the footing with standard hooks) 

𝑓𝑦 = 60 𝑘𝑠𝑖 

𝑓𝑐
′ = 8 𝑘𝑠𝑖 (𝑒𝑥𝑝𝑒𝑐𝑡𝑒𝑑) 

𝑑𝑙 = 3/8" (#3) 

𝛹𝑒 = 1.0; 𝛹𝑟 = 1.6; 𝛹𝑜 = 1.0; 𝛹𝑣 = 1.0 

𝜆 = 1.0 

𝑙𝑑ℎ,𝐶𝑊1 = [
60000 𝑝𝑠𝑖

1.0 × √8000 𝑝𝑠𝑖

1.0 × 1.6 × 1.0 × 1.0 

55
] (

3

8
)

1.5

= 4.5 𝑖𝑛. 

 

• CW-2 Wall Starter Reinforcement (Anchored into the footing with standard hooks) 

𝑓𝑦 = 80 𝑘𝑠𝑖 

𝑓𝑐
′ = 8 𝑘𝑠𝑖 (𝑒𝑥𝑝𝑒𝑐𝑡𝑒𝑑) 

𝑑𝑙 = 4/8" (#4) 

𝛹𝑒 = 1.0; 𝛹𝑟 = 1.6; 𝛹𝑜 = 1.0; 𝛹𝑣 = 1.0 
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𝜆 = 1.0 

𝑙𝑑ℎ,𝐶𝑊2 = [
80000 𝑝𝑠𝑖

1.0 × √8000 𝑝𝑠𝑖

1.0 × 1.6 × 1.0 × 1.0 

55
] (

4

8
)

1.5

= 9.2 𝑖𝑛. 
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Appendix C. Footing and Top Cap Details 

 

Figure C-1: Cross-sectional dimensions and the locations of the PVC pipes 

 



 

326 

 

 

Figure C-2: Blocks Longitudinal and Transverse Reinforcements 
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Appendix D. Fabrication of Test Specimens 

• Phase-I Walls 

 

Figure D-1: Footing formwork, (Bottom) CW-1, (Top) CW-2 
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Figure D-2: CW-2 Footing rebar cage with the starter bars 
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Figure D-3: CW-1 Rebar Cage 
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Figure D-4: CW-1 Flange reinforcement 
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Figure D-5: CW-1 Flange reinforcement close-up 
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Figure D-6: CW-2 rebar cage 
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Figure D-7: CW-2 flange reinforcement 
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Figure D-8: Top cap formwork and reinforcement cages 
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• Phase-II Walls: 

 

Figure D-9: Phase-II footing formwork and reinforcement cages 
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Figure D-10: CW-3 Reinforcement cage 
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Figure D-11: CW-3 flange reinforcement close-up 
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Figure D-12: Phase-II wall formwork 
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Appendix E. Concrete Mix Design 
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Appendix F. Effective Plastic Hinge Yield Rotation Calculations 

The effective plastic hinge yield rotations (ϴy) were calculated using a procedure prescribed by 

ASCE/SEI 41-17 (2017). According to this procedure, ϴy can be estimated by drawing a line 

through the origin that crosses the experimental force-displacement curve at a value of 60% of the 

effective yield forces/moments, My,eff, (Figure F-1). The effective moment values were estimated 

by using either the analytical moment-curvature response of the wall specimens or the 

experimental moment-rotation response. Although ASCE/SEI 41-17 requires to use the 60% of the 

effective yield forces for the estimation of the effective displacements/rotations, in ACI 374R.2-

13 (2013), a value between 0.65 and 0.75 is recommended depending on the level of axial load 

applied to the specimen. Given the level of axial load applied to the specimens (0.1Agf ’c),   

an α value of 0.75 was used.  

 

 

Figure F-1: Idealized force-displacement curves (ASCE/SEI 41-17, 2017) 
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Figure F-2: Determination of effective force and displacement values (ACI 374R.2-13, 

2013) 

 

 

Analytical Effective Hinge Rotations (ϴy,f,a) 

The analytical prediction of the yield hinge rotations (ϴy,f,a) due to flexural deformations was 

calculated by using the procedure mentioned above and the analytical monotonic moment-

curvature analysis of the wall specimens. For the moment-curvature analysis, Figure F-3 and 

Figure F-4 for CW-1 and CW-2-3-4, respectively, the tested material properties (Section 2.3) was 

used. The effective yield hinge rotations were calculated by integrating the curvatures in the hinge 

region (Figure F-5). A trapezoidal curvature distribution was assumed with the curvature at the 

plastic hinge height (Lp) of ϕ𝐿𝑝 = 𝑀𝐿𝑝/𝐾𝑒 where Ke is the effective stiffness, and MLp is the 

moment at Lp, which is calculated as follows, 

𝑀𝐿𝑝 = 𝑀𝑏𝑎𝑠𝑒 − 𝑉 × 𝐿𝑝 

𝑀𝐿𝑝 = 𝑀𝑦,𝑒𝑓𝑓 −
𝑀𝑦,𝑒𝑓𝑓

𝑆𝑆𝑅 × 𝐿𝑤
× 𝐿𝑝 

(F.1) 
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Table F-1: Effective analytical yield moment, curvature, and rotation values  

 CW-1 CW-2-3-4 

𝑀𝑦,𝑒𝑓𝑓 2350 k-ft 3700 k-ft 

ϕ𝑦,𝑒𝑓𝑓 3.8*10-5 1/in. 6.1*10-5 1/in. 

KE 5190283 k-ft2 5061413 k-ft2  

SSR 4.72 4.72 

V 79.7 kips 125.4 kips 

𝑀𝐿𝑝 2101 k-ft 3308 k-ft 

ϕ𝐿𝑝 3.4*10-5 1/in. 5.5*10-5 1/in. 

𝜃𝑦,𝑓,𝑎 0.13% 0.22% 

 

 
Figure F-3: Analytical moment-curvature response of CW-1 with effective yield moment 

and curvature values 
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Figure F-4: Analytical moment-curvature response of CW-2-3-4 with effective yield 

moment and curvature values 

 

 

Figure F-5: Calculation of ϴy,f,a 
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Experimental Effective Hinge Rotations (ϴy,exp) 

The experimental plastic hinge yield rotations were calculated by using the experimental base 

moment-plastic hinge rotation (Lp=lw/2) response of the specimens. Backbone curves were created 

using the maximum hinge rotation and base moment values measured at different load steps. For 

CW-1, the moment values for the backbone after the WLP were taken from RCW-1. Using the 

analysis explained above and the effective yield moments given, 2350 k-ft and 3700 k-ft, ϴy,exp 

values 0.11% and 0.25% were calculated for CW-1 (Figure F-6) and CW-2 (Figure F-7), 

respectively. The effective hinge yield rotations of the specimens were also calculated assuming a 

larger plastic hinge region (Lp=lw/2+Ls). For CW-1, the effect of longer hinge region on the 

effective yield value was negligible. Figure F-8 shows the experimental backbone base moment-

hinge rotation curve for CW-2, for which the extended hinge region increased the effective yield 

rotation values to -0.35% and 0.33%. The behavior of CW-3 and CW-4 were very similar to each 

other and stiffer than CW-2. Therefore, the effective yield rotations were found to be -0.28% and 

0.27% for CW-3 and CW-4 (Figure F-9).  
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Figure F-6: Experimental plastic hinge yield rotation (Lp=lw/2, CW-1) 

 

Figure F-7: Experimental plastic hinge yield rotation (Lp=lw/2, CW-2) 
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Figure F-8: Experimental plastic hinge yield rotation (Lp=lw/2+Ls, CW-2) 

 

Figure F-9: Experimental plastic hinge yield rotation (Lp=lw/2+Ls, CW-3-4) 
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Appendix G. Components of Lateral Deformation 

The lateral deformations of the wall specimens can be separated into five parts. Flexural 

deformations include the curvature/rotation of the wall (𝛿𝑓,𝑤𝑎𝑙𝑙), and the deformations due to the 

slip/extension at the wall-footing interface (𝛿𝑠𝑙𝑖𝑝). Shear deformations include the pure translation 

(shear distortion) along the height of the wall (𝛿𝑠,𝑤𝑎𝑙𝑙), the shear sliding along the wall footing 

interface (𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑤𝑎𝑙𝑙), and also the shear sliding of the bottom block along the laboratory floor 

(𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑏𝑙𝑜𝑐𝑘). The last two components were measured directly using the horizontal LVDTs 

attached at the wall-footing interface and from a rigid frame to the bottom block respectively.  

𝛿𝑡𝑜𝑡 = 𝛿𝑓,𝑤𝑎𝑙𝑙 + 𝛿𝑓,𝑠𝑙𝑖𝑝 + 𝛿𝑠,𝑤𝑎𝑙𝑙 + 𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑤𝑎𝑙𝑙 + 𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑏𝑙𝑜𝑐𝑘 (G.1) 

 

Flexural Component (𝜹𝒇,𝒘𝒂𝒍𝒍) 

The lateral displacement at the top of the wall due to curvature/rotations was calculated as follows, 

𝛿𝑓,𝑤𝑎𝑙𝑙 = ∑ 𝜃𝑖(ℎ𝑤𝑎𝑙𝑙 − 𝑥𝑖)

𝑛

𝑖=1

≈ ∑(ϕ𝑖ℎ𝑖)(ℎ𝑤𝑎𝑙𝑙 − 𝑥𝑖)

𝑛

𝑖=1

 (G.2) 

 

where 𝜃𝑖 is the rotation of the layer i, hwall is the height of the wall, 𝑥𝑖 is the distance from the 

centroid of the curvature distribution of the layer i to the footing, and hi is the height of the layer 

i. 𝜃𝑖 was calculated as the area under the curvature distribution. Therefore, it was approximated as 

the curvature of the layer i (ϕ𝑖) times hi. ϕ𝑖 were measured directly using the LVDTs attached to 

the flanges and the web of the specimen. The centroid of the curvature distribution in a layer was 

assumed to be at hi/2. This assumption was made due to the small height of the layers in the hinge 

region and the application of both the moments and shears at the top of the wall, which resulted in 
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a shallow moment gradient. Given the shear span ratio value of 4.72, the moment demands relative 

to the base moment at each layer were calculated and shown in Figure G-1.   

  

 

Figure G-1: Wall LVDT layers and the distribution of the moment along the height of the 

specimen 

 

The lateral displacements at the top of the wall due to curvatures/rotations only were also predicted 

using the analytical moment-curvature responses shown in Figure F-3 and Figure F-4 for CW-1 

and CW-2-3-4, respectively, and Equation (G.2. Figure G-2 and Figure G-3 shows the predicted 

curvature distribution over the wall height at different ϕ𝑦,𝑒𝑓𝑓 demands for CW-1 and CW-2-3-4, 

respectively. Given the distribution, the centroid of the curvature distribution for each layer was 

calculated. The calculations showed that, for CW-1, for Layers 1 and 2, due to the small height of 
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the layers, the centroid was at hi/2, even at high curvature demands (ϕ𝑖 = 25ϕ𝑦,𝑒𝑓𝑓). For Layers 3 

and 4, it was found that the centroid starts to shift after yielding occurs at the layer. At high 

curvature demands (ϕ𝑖 >7.5ϕ𝑦,𝑒𝑓𝑓), the centroid was at 0.46hi. For Layer 5, similar to Layers 3 

and 4, the centroid was found to shift around the yielding of the layer. However, unlike Layers 3 

and 4, due to the bigger height of the layer, the centroid was at 0.4hi when the average curvature 

over the layer reached twice the yield curvature (ϕ𝑖 = 2.0ϕ𝑦,𝑒𝑓𝑓). For CW-2, the centroid was at 

0.46hi on average for all the layers. It should also be noted here that the lateral displacements due 

to the curvatures of Layer 5 were small compared to other layers (less than 5% of total 

displacement). Therefore, the centroid was assumed to be at hi/2. 

 

Given the damage state of the spliced regions for all the specimens, no significant cracking was 

observed, and also, using the LVDT recordings attached to the spliced region, the lateral 

displacements due to the curvature of the spliced region were smaller than other layers. Therefore, 

the analytical predictions were adjusted accordingly. For CW-1, the hi value for Layer 1 was 

decreased to 2 in. (20% of Ls) from 10 in. to only account for the rotations due to the bottom 2 in. 

of the spliced region, where a single big crack was observed during the experiment. Also, for CW-

2-3-4, the contributions from Layers 1 and 2 were adjusted by decreasing the height of the layers 

for the rotation calculation from 10 in. to 4 in. (20% of Ls). Figure G-4 and Figure G-5 show the 

analytical base shear-drift ratio prediction due to flexure for CW-1 and CW-2-3-4, respectively.  
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Figure G-2: Analytical curvature distribution over wall height at different 

𝛟𝒚,𝒆𝒇𝒇 demands (CW-1) 

 

 
Figure G-3: Analytical curvature distribution over wall height at different 

𝛟𝒚,𝒆𝒇𝒇 demands (CW-2-3-4) 
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Figure G-4: Analytical shear-drift ratio response of CW-1 

 

 
Figure G-5: Analytical shear-drift ratio response of CW-2-3-4 
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Slip/Extension Component (𝜹𝒇,𝒔𝒍𝒊𝒑) 

The base slip/extension at the wall-footing interface was measured using four corner LVDTs 

attached to the footing on one end and to the wall 2.5 in. above the footing. Therefore, these LVDTs 

recorded both the slip/extension displacements and also the flexural deformations with the 2.5 in. 

at the base of the wall. The contribution attributed to the slip/extension only was 

calculated/approximated by assuming similar curvature values for the 2 in. gauge length at the 

base of the wall and layer right above the splice region (Layer 2 for CW-1 and Layer 3 for CW-2-

3-4). The layers inside the splice region were not used for these calculations because lower 

curvature values were measured in the splice region. 𝛿𝑓,𝑠𝑙𝑖𝑝 is calculated as follows, 

 

𝜃𝑠𝑙𝑖𝑝 =

𝛿𝑁𝑊 + 𝛿𝑆𝑊

2 −
𝛿𝑁𝐸 + 𝛿𝑆𝐸

2

𝐿𝑤 +
𝑙𝑁𝑊 + 𝑙𝑆𝑊

2 +
𝑙𝑁𝐸 + 𝑙𝑆𝐸

2

 (G.3) 

𝛿𝑓,𝑠𝑙𝑖𝑝 = [𝜃𝑠𝑙𝑖𝑝 − ϕ𝐿𝑎𝑦𝑒𝑟2(2.5")]ℎ for CW-1 (G.4) 

𝛿𝑓,𝑠𝑙𝑖𝑝 = [𝜃𝑠𝑙𝑖𝑝 − ϕ𝐿𝑎𝑦𝑒𝑟3(2.5")]ℎ for CW-2-3-4 (G.5) 

 

where 𝛿𝑁𝑊, 𝛿𝑆𝑊, 𝛿𝑁𝐸, and 𝛿𝑆𝐸 are the displacements of the slip LVDTs, and 𝑙𝑁𝑊, 𝑙𝑆𝑊, 𝑙𝑁𝐸, and 

𝑙𝑆𝐸 are the distance from the concrete surface to the LVDTs attached to the northwest, southwest, 

northeast, and southeast corners, respectively. 

 

The effect of the rebar slip/extension at the wall-footing interface was also calculated using the 

procedures developed by Alsiwat and Saatcioglu (1992), and Sezen and Setzler (2008). According 

to Alsiwat and Saatcioglu (1992), the contribution of rebar slip/extension to the yield rotation can 

be calculated using the following equations, 
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𝑢𝑒 =
𝑓𝑦 × 𝑑𝑏

4 × 𝑙𝑑
 [𝑀𝑃𝑎] (G.6) 

𝑙𝑑 =
440 × 𝐴𝑏

3 × 𝑑𝑏 × √𝑓𝑐
′

𝑓𝑦

400
 [𝑚𝑚] (G.7) 

𝐿𝑒 =
𝑓𝑠 × 𝑑𝑏

4 × 𝑢𝑒
 [𝑚𝑚] (G.8) 

𝑢𝑢 = (20 −
𝑑𝑏

4
) × √

𝑓𝑐
′

30
 [𝑀𝑃𝑎] (G.9) 

𝛿𝑠1 = √
30

𝑓𝑐
′

 [𝑚𝑚] (G.10) 

𝛿𝑠 = 𝛿𝑠1 × (
𝑢𝑒

𝑢𝑢
)

2.5

 [𝑚𝑚] (G.11) 

𝛿𝑒𝑥𝑡𝑦 = 𝜀𝑦 ×
𝐿𝑒

2
 [𝑚𝑚] (G.12) 

𝛿𝑡𝑜𝑡𝑦 = 𝛿𝑠 + 𝛿𝑒𝑥𝑡𝑦 [𝑚𝑚] (G.13) 

𝜃𝑦,𝑠 =
𝛿𝑡𝑜𝑡𝑦

𝑑 − 𝑐
 [𝑟𝑎𝑑] (G.14) 

 

where ue represents the elastic bond stress, Le represents the elastic region length, uu represents the 

peak bond stress, and δs1 represents the local slip at the peak bond stress. Also, δs represents the 

slip of the reinforcement, δexty represents the extension of the bar due to accumulation of strain 

along its length at yield, δtoty represents the total displacement of the bar at the beam-wall interface 

at yield, θ@δtoty represents the rotation of the section due to the slip/extension of the bar at yield, d 

is the depth of the section, and c is the neutral axis depth.   
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Similarly, according to Sezen and Setzler (2008), the rebar slip/extension deformations and the 

resulting rotations at reinforcement yield can be calculated as follows, 

𝑠𝑙𝑖𝑝 =
𝜀𝑠 × 𝑙𝑑

2
 (G.15) 

𝑙𝑑 =
𝑓𝑠 × 𝑑𝑏

4 × 𝑢𝑏
 (G.16) 

𝜃𝑦,𝑠 =
𝜀𝑠 × 𝑓𝑠 × 𝑑𝑏

8 × 𝑢𝑏 × (𝑑 − 𝑐)
 [𝑟𝑎𝑑] (G.17) 

 

where 𝑢𝑏 is the uniform bond stress and a value of 12√𝑓𝑐
′ (𝑝𝑠𝑖) is proposed.  

 

For the calculation of the yield rotations due to rebar slip/extension, the tested material properties 

(Section 2.3) were used. Also, two sets of calculations were done. For the first, the development 

length of the bars was calculated using the Equations (G.7 and (G.16, and for the second, the 

development length provisions of the ACI 318-19 (see Appendix B) were used. Table G-1 

summarizes the results. 

 

Table G-1: Analytical prediction of yield rotations due to rebar slip/extension 

𝜃𝑦,𝑠,𝑎 CW-1 CW-2-3-4 

Alsiwat and 

Saatcioglu (1992) 

ld (Eq. G.2) 0.017% 0.031% 

ld (ACI 318-19) 0.014% 0.032% 

Sezen and Setzler 

(2008) 

ld (Eq. G.11) 0.012% 0.025% 

ld (ACI 318-19) 0.012% 0.029% 
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Shear Component (𝜹𝒔,𝒘𝒂𝒍𝒍) 

The shear deformations were calculated with two approaches. First, they are calculated using 

Equation (G.18 which attributes any deformations not associated with flexure, slip/extension, or 

shear sliding to shear distortion of the wall panel. Secondly, the diagonal LVDTs attached to the 

inner surface of the web (Figure 2-24) was used as shown in Equation (G.19 and Figure G-6. 

According to Massone et al., (2017), this approach does not account for the impact of the curvature 

distribution on the shear deformations, which might overestimate shear deformations by as much 

as 30%. Therefore, they recommend calculating the shear deformation by taking into account the 

curvature distribution if the centroid of the distribution is not at 0.5hi. Since for the test walls, the 

centroid of the curvature distribution was expected to be at 0.5hi (see previous discussion), 

Equation (G.19 was directly used. 

 

𝛿𝑠,𝑤𝑎𝑙𝑙 = 𝛿𝑡𝑜𝑡 − 𝛿𝑓,𝑤𝑎𝑙𝑙 − 𝛿𝑓,𝑠𝑙𝑖𝑝 − 𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑤𝑎𝑙𝑙 − 𝛿𝑠,𝑠𝑙𝑖𝑑𝑒,𝑏𝑙𝑜𝑐𝑘 (G.18) 

 

𝛿𝑠,𝑤𝑎𝑙𝑙 =  ∑
1

2
(√(𝑑1 + 𝐷1)2 − ℎ2 − √(𝑑2 + 𝐷2)2 − ℎ2)

𝑛

𝑖=1

 (G.19) 

 

 

Figure G-6: Determination of shear deformations 
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Appendix H. Axial Strains during Ramp-down Loading of WLP 

 
Figure H-1: Axial strain profiles along the height of the edge of the East flange at different 

loading positions during the ramp-down loading of WLP, CW-2 
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Figure H-2: Axial strain profiles along the height of the edge of the West flange at different 

loading positions during the ramp-down loading of WLP, CW-2 
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Figure H-3: Axial strain profiles along the height of the edge of the East flange at different 

loading positions during the ramp-down loading of WLP, CW-3 
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Figure H-4: Axial strain profiles along the height of the edge of the West flange at different 

loading positions during the ramp-down loading of WLP, CW-3 
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Figure H-5: Axial strain profiles along the height of the edge of the East flange at different 

loading positions during the ramp-down loading of WLP, CW-4 
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Figure H-6: Axial strain profiles along the height of the edge of the West flange at different 

loading positions during the ramp-down loading of WLP, CW-4 
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